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Historically, the subject of blast loading and blast response have been largely ignored in 
many of the design codes and specifications. This is due to the fact that most works that 
have been done are not readily available in the public domains and are often labeled as 
classified by the limited number of large establishments such as military organizations 
and research institutes. The attempt to search for adequate literatures in support of the 
present work has proved difficult. The consequences are costly, demonstrated by the loss 
of lives, shattered structures where some of which are still standing at the time of this 
writing as if to serve as reminders of the continuing threats, and worst, some of which are 
completely out of sights following a catastrophic explosion such as the Piper Alpha oil 
rig platform. 
 
The threats from blast loadings are present everywhere where potential targets can range 
from domestic buildings and industrial structures to military and governmental agencies. 
The work reported here is although prepared for specific application of blast barriers in 
the marine and offshore environment, some of the methodologies and principles used in 
the investigation can be readily employed for other applications where knowledge of 
structural response to blast loadings are required.       
 
The work presented herewithin is motivated by the fact that there is a clear lack of 
available design guidance on the limit states response of structures subjected to blast 
loadings due to limited understanding on the failure response of such structures. It is the 
objective of this thesis to provide an in-depth study and aid in the increase of 
 x
understanding on the blast response of various blast wall systems by proposing suitable 
methodologies, including finite element method, for assessment and design. The blast 
response of stiffened plate, profiled panel and composite panel systems are presented.  
 
The use of stiffened plates is very common in the past especially in offshore topsides and 
in ship structures.  They are usually primary load bearing members and thus damage due 
to blast loading must be limited. An introductory study for this system and a few salient 
points on their blast response and important characteristics are presented. Two large scale 
blast tests are described to validate the finite element models. Excellent references on the 
blast response of stiffened plates are also given for completeness.     
 
Stainless steel profiled or corrugated panel is widely used owing to its superior corrosion 
resistance and lightweight. High flexural stiffness in one direction can be achieved 
without the additional cost of stiffener fabrication and potential weakness at the 
attachment. The deformation and failure, including its design and numerical assessment 
aspects, of the profiled panels due to blast load are presented. A commonly used rupture 
strain criterion for modeling weld failure along the connecting edges of the panel is 
investigated. Due to its sensitivity to strain singularity at these edges in the numerical 
models, an alternative force-based failure criterion is proposed. The validity of strain rate 
models is discussed and it is demonstrated that unsafe predictions can be obtained in 
certain cases. The inadequacies of the design guide TN5 are highlighted in this study by 
comparing with results obtained from an extensive finite element study program. 
Through this study, finite element modeling guidelines and recommendations for blast 
 xi
wall assessment are developed. The study includes a comprehensive investigation on the 
blast response of the profiled panels with various compactness and stiffness. In addition, 
design overpressures and durations are selected to represent realistic values that result in 
elastic or plastic response of the panels. It therefore attempts to cover a wide spectrum of 
design scenarios and the material presented here can serve as an additional useful 
reference source for the design and analysis of profiled panels. Furthermore, through a 
case study, it is illustrated that there still exists a gap in the design of efficient blast panels 
in the industry. A simple and effective strengthening and retrofitting technique is 
proposed and it is demonstrated that significant improvement to the safety of these panels 
can be achieved.  
 
Composites have significant advantage over traditional metals by virtue of their high 
stiffness and strength to weight ratios. Taking advantage of new developments in 
composite materials, the study on the blast response of composite panels using finite 
element calculations is presented. Simple numerical methodologies for implementing into 
finite element code to predict the progressive failure of composite panels subjected to 
blast is given. Two new methods for the modeling of delamination in a simple way that 
can offer some promises for future development are proposed. The proposed Residual 
Factor approach can also be used to assess the survival of blast damaged composites. It is 
concluded through this study that composite panels are particularly appropriate for 
application where there is a risk of low to moderate explosion. More work on this topic is 
required as the subject develops, but the work presented here should provide good 
background and pointers to future progress.   
 xii
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Protection of structures and lives against any form of blast loadings requires detailed 
assessment on the characteristics of loadings and the response of the structures and its 
elements against such loadings. In theory, a one-fit-all design can be accomplished for all 
situations and conditions of loads. However, this often results in unnecessary provisions 
and sometimes even undesirable in global structural point of view. Moreover, the cost of 
such provisions can be unacceptably high and impede the functionality of the structures. 
The best form of protection against any blast loading is prevention, and when it is not 
possible or cannot be anticipated, a detailed assessment on the survivability of the 
targeted structure must be performed. In another words, the robustness of the structures 
against such loadings must be evaluated. 
 
Much works have been done in the past in an attempt to characterize different forms of 
blast loadings resulting from various sources of explosions [1.1]. This will be discussed 
below. The present works focus on the investigation on the blast response of various 
structural systems of increasing awareness and interests particularly in the marine and 
offshore industries. The structural systems are termed energy dissipating barriers here as 
it is their methods on the dissipation of the blast energy that distinguished them from 
each other.   
 
1.1 Concepts of Protection 
The steps required in the design of blast barrier include the determination of the forms of 
blast loadings followed by the evaluation on the level of protection required. In analogy 
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to earthquake analysis, two levels of assessment can be identified [1.2]. The strength 
level analysis relates performance of structures in terms of strength. Such analysis is 
appropriate for primary structural members where they have to remain elastic when 
subjected to the blast loads. This includes primary structural frames and others members 
where failure may constitute a major collapse. The ductility level analysis allows certain 
amount of permanent damages as along as escalation of events do not occur. Its 
performance is thus based on deformation limits, rupture and ductility. In any case, it is 
reasonable to expect that expensive shutdowns of facilities must be prevented and repair 
can be carried out as quickly as possible.  
 
Blast barriers are secondary structural members and are detailed to absorb as much 
energy as possible so that limited load is transferred to the primary frames. Traditionally, 
concrete has been used as blast protection materials in land based protective structures 
due to its massiveness and ability to absorb large amount of energy. As a result, many of 
the full scale blast tests were conducted for these structures to understand their response 
to bombs and explosions during the wars of the twentieth century [1.5]. In offshore and 
marine environments, different structural schemes are needed since weight is an 
important factor in design. Consequently, the blast barriers must be light, robust and 
should not aid in the escalation of events following the blast.  Steel is an obvious choice 
to meet these requirements and the study on their blast response derived mainly from 




1.2 Characterization of Blast Loads 
The process of the generation of pressure waves and subsequent interaction with the 
targeted structures is very complex and some information and guidelines can be found in 
[1.1-1.4]. There are in general two types of blast loadings encountered in the offshore and 
marine environment. Hydrocarbon explosions may occur due to the ignition of the 
flammable vapor clouds and shock loading may be due to high explosives denotation and 
as well as far field loading from hydrocarbon explosion. Typical pressure time histories 
are shown in Figure 1.1 and Figure 1.2 respectively.  
 
 
Figure 1.1: Typical pressure impulse for hydrocarbon explosion 
 
Figure 1.2: Typical pressure impulse for shock or far field explosion 
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Hydrocarbon explosions are characterized by an appreciable initial rise time followed by 
a gradual decay of the pressure after the peak with relatively long duration. Shock and far 
eld loading, on the other hand, are characterized by an immediate rise in pressure up to 
a peak value with s  differences lies in 
the structural response to these various forms of loading. Table 1.1 shows the relationship 
between these two forms of loading in terms of the blast wave parameters.  
fi
horter duration of loading. The significance of the
 
Table 1.1: Idealization of pressure impulses [1.7] 
 
 
The loading experienced by the structures typically has a complex variation with time, 
involving many oscillations of varying frequencies. For the purpose of structural response 
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calculation, simplifications are often needed. Table 1.1 gives detailed recommendations 
in terms of the ratio of the load duration and natural period of the structure. The negative 
phase of the pressure pulses is usually ignored although rebound can be significant when 
the negative pressure impulse is immediately preceded by a rapid decay rate of positive 
peak pressure or when explosion occurs below a floor panel supporting heavy equipment. 
Another assumption that often makes in structural response calculation is that the spatial 
variation of the pressure pulses on the targeted structure is negligible although this is 
often not true and can be unconservative in some cases [1.6]. 
 
1.3 Types of Structural Schemes 
Considerations must be given to the nature of the blast loads (Table 1.1), forms of 
protection (Section 1.1) and as well as the materials used in the blast barriers for an 
efficient structural scheme to resist the applied loading. Although numerous 
ombinations of schemes are possible, they can be broadly classified in terms of their 
k forms of resistance. By strong 
 By weak resistance, it means the blast barriers 
re detailed to resist blast loading by ductility and are characterized as flexible, 
ading, and most of the blast energy is dissipated in the form of 
ast load to take 
lace. For the purpose of simple illustration, examples of strong form of blast barriers 
c
global structural behaviour as either strong or wea
resistance, it means the blast barriers are detailed to resist the blast loading by strength 
and are characterized as stiff, little damage after loading and most of the blast energy is 
transferred to its supporting connections.
a
substantial damage after lo
deformation and damages. In either case, proper connections need to be ensured so that 
there is adequate strength or ductility for the transfer mechanism of bl
p
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may include highly reinforced concrete panel or com  
fibre failure. Profiled steel panel and stiffened steel panel are examples of weak form of 
In essenc m re into a 
numbers of elements that can be represented by a displacement function: 
posite laminated panel governed by
blast barriers. It is noteworthy that unreinforced concrete, masonry and bricks may not be 
suitable for blast materials due to the concerns of projectiles following the explosion 
[1.8].   
 
1.4 Finite Element Method and Dynamic Analysis 
This section gives a brief introduction to nonlinear finite element methods and dynamic 
analysis relating to the present study. A more comprehensive treatment on the subject can 
be found in the references given below.   
 
1.4.1 Equation of Motion 
e, the finite element method atte pts to discretize a continuous structu
 
[ ]{ } { }u N d=                                       (1.1) 
 
vector of the nodal degree of freedoms of the element, and {u} is a vector of the 
In Equation 1.1, [N] is a matrix consisting of the interpolation or shape functions, {d} is a 
corresponding displacement fields. In dynamic problems, [N] is a function of space only 
and {d} is a function of time only. The shape function describes how the displacement 
field varies within an element when the corresponding degree of freedom has a unit value 
and other degrees of freedoms are zero. By applying variational principles or some other 
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methods [1.9] and making use of Equation 1.1, the stiffness matrix of a finite element can 
be obtained as shown in Equation 1.2 where [ ] [ ][ ]B N= ∂  is a strain matrix, [ ]∂  is a 
differential operator and [E] is the material operator matrix. 
 
                                                   V                                                   (1.2) 
 
Assemblage of the elements into the global structure, the governing equation is thus 
obtained as 
 
                                                          [K]{D}={R}                                                           (1.3) 
 
One attempts to solve the global degree of freedom {D} of a given structure with 
stiffness [K] subjected to external loads {R}. If {R} is also time dependent and the 
inertial force of the structure becomes important, the discrete representation of a 
continuous distribution of mass of the structure [M] must be included in Equation 1.3. By 
using d’Alembert’s Principle to derive the inertia force and considering the stiffness 
dependent elastic force and a viscous damping mechanism [C], equilibrium condition will 
give the governing equation of motion for a dynamic problem using finite element as a 
solution method 
 




k B E B d= ∫
                                             [ ]{ } [ ]{ } [ ]{ } { }M D C D K D R+ + =&& &                                       (1.4) 
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We noted here that both [M] and {R} can be function of [N], which in this case [M] is 
called the consistent mass matrix and {R} is called the consistent load vector, or they can 
be written directly in Equation 1.4, which in this case they are called the lumped mass 
matrix and nodal loads respectively. Equation 1.4 is completely general in that the inertia 
force, damping force, stiffness force and as well as the externally applied loads can be 
nction of time and they can be linear or nonlinear. 
  
1.4.2 Nonlinear Dynamic Problems 
C],
n hapters. Equation 1.4 is a set of algebraic equations which can 
be readily solved by either the modal superposition method or the direct integration 
method. The modal superposition method is suitable fo
lower frequencies. Besides being more efficient for problems associated with high 
frequencies such as blast loadings, the direct integration method is also more robust in 
tackling nonl approaches, 
namely the implicit method and the explicit method. All the works reported in this thesis 
for dynamic problems 
problems.  For direct integration method, the equation of motion at a specific instant of 
fu
For nonlinear problems, [M], [  [K] or {R} may be function of {D}. Sources of 
nonlinearity may include contact problems, material yielding, loss of stiffness, large 
deformation etc. These sources are all prevalent in the response of blast walls that is 
described in subseque t c
r solving problems involving 
inear problems [1.10]. In direct integration, there are two main 
make use of explicit method and implicit method for static 
time can be written as  
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                                            [ ]{ } [ ]{ } { } { }n n n nM D C D P R+ + =&& &                          
(1.5) 
 
where subscript n denotes time n t
              
∆  and t∆ is the size of the time increment. In Equation 
1.5, [M] and [C] are taken as time independent and they are not function of {D}. For 
linear problems, { } [ ]{ }P K D= . Here, { }P is the internal force vector at time n t∆ and 
is a nonlinear function of { }
n n n






{ } [ ] ({ } { })σ σ= − ∆                                           (1.6) 
                                               
−∫
 
{ } [ ] { } { }QE dσ ε λσ∆ = ∆ −⎜ ⎟∂⎝ ⎠                                            
(1.7) 
 
                                                  { } )n nB D
∂⎛ ⎞
1{ } [ ]({ }Dε −∆ = −                                              (1.8) 
 
In Equation 1.7, Q is the plastic potential and dλ is a plastic multiplier [1.11] that takes 
account of material plasticity. For geometric nonlinear problems, such as large 
s are imposed in Equation 
.7 and 1.8 [1.9]. For contact or gap problems, nonlinearities will result even during 
elastic stage or when deformation is small. A numerical algorithm will be required during 
displacement, large rotation and large strain, Total or Updated Lagrangian incremental 
formulations with the use of proper stress and strain measure
1
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the analysis to determine the contact locations, extend of sliding, state of contact stress 
]. Together with use of iterative solution procedures such as the Newton-
Raphson method [1.12], the solution for Equation 1.5 can be obtained with the direct 
ion method described below.  
 w trice
g the central difference integration rule given in Equation 1.9 and 1.10.  




The explicit dynamic analysis procedures are based upon the implementation of an 
explicit integration rule together ith the use of lumped mass ma s. Equation 1.5 is 
integrated usin
( ). 1 11{ } { } { }2n nD D Dt + −= − n∆                                                 
(1.9) 
                                      
 
( ).. 1 12n n n nt + −∆
(1.10) 
 
Equation 1.9 and 1.
1{ } { } 2{ } { }D D D D= − +                                       
10 can be obtained by finite difference approximation of the time 
erivatives or by expandingd  1{ }nD +  and 1{ }nD −  in Taylor Series about time . They are 
the time st  will app
Substitution of Equation 1.9 and 1.10 into Equation 1.5 yields 
 
n t∆












                                                            [ ]{ }
n n n n n
C D
+ −+ =⎜ ⎟
              




            
(1.11) 
 
For the central difference method, a special starting procedure at 0n t∆ = is required such 
as Equation 1.12 where 0{ }D and 
.
0{ }D are usually known values and 
..
0{ }D is obtained 
from Equation 1.5. 
 
                                        
2. ..
1 0 0 0{ } { } { } { }2
tD D t D D−
∆= − ∆ +                                        (1.12) 
 
nlike the implicit method where the time step required is generally stable and only 
 
        
1.4.3 Stability of Solution 
U
limited to the accuracy of the solution desired, the time step used in the explicit method is 
conditionally stable and, for a lump mass system, it should be less than a stable time step 
increment given by 
                                                  mincrit
Lt∆ =                                         (1.13) 
sD
 
where minL  is the smallest element dimension in the mesh, and sD  is the dilatational 
wave speed of the material which is a function of its Young’s modulus, Poisson ratio and 
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density. For nonlinear problems, both minL  and sD are not constant and need to be 
updated during the analysis. The stable time increment for a consistent mass system will 
be corresponding more stringent than the above equation. It should be noted that in 
nonlinear analysis, numerical instability might not be obvious even when the time step 
size is greater than the stable time increment. This is because energy produced by the 
numerical instability can be absorbed in the form of plastic work. By default, a small 
amount of damping in the form of bulk viscosity may be introduced in the finite element 
software to control the high frequency oscillations. This will further reduce the stable 
time increment. The procedure in implementing Equation 1.13 is discussed in [1.13].  
 
In addition to Equation 1.13, energy balance check given in Equation 1.14 in nonlinear 
dynamic analysis by explicit method should also be carried out. 
 
                                                 Eint + T + Eext = 0                                                        (1.14)                               
 
where Eint is the internal energy dissipated in the system, T is the kinetic energy, Eext is 
the work done by externally applied load. Strict compliance of zero balanced energy is 
generally not possible but error should be within some prescribed limit [1.10].  
 
1.4.4 Finite Elements (Shells) 
The mathematical formulation of elements available in ABAQUS is given in [1.13]. Here 
e general performance of shell element that is widely used in the current study is 
described. Further description of these elements is given in subsequent chapters. 
th
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 Thin shell elements can be adequately described by the classical (Kirchhoff) shell theory 
while thick shell elements are formulated using flexible (Mindlin) shell theory. ABAQUS 
uses general purpose shell elements (S4R) that provide solution to both the thin and thick 
shell problems in all loading conditions. The transverse shear deformation becomes very 
small as the shell thickness decreases. The shell elements use bending strain measures 
that are approximations to Koiter-Sanders shell theory [1.14]. They can exhibit nonlinear 
material response and undergoes large overall motions. In addition, they allow the change 
in thickness due to in plane deformations and do not suffer from shear locking nor 
exhibiting any unconstrained hourglassing modes by built-in hourglass control in the 
element. The element stiffness of these elements is formed by reduced integration but the 
mass matrix and load vectors are still integrated exactly. Reduced integration can produce 
ood results provided the elements are not distorted and not subjected to in plane loading. 
en account of in their formulation. For modeling of 
g
Finite membrane strains are also tak
composites where shear deformation is important, the second order thick shell elements 
(S8R) can be used. These elements however perform poorly in irregular mesh due to 
transverse shear locking and are suitable only for large rotation and small strain analysis 
[1.13]. They are specially formulated to calculate a parabolic distribution of transverse 
shear stresses through the thickness. For nonlinear problems, integrations are carried out 
numerically through the thickness during analysis to calculate the section properties. Both 
Guass Quadrature and Simpson Rule can be used to perform the integration although the 
latter is convenient to compare surface strains with experimental results.  
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Another class of shell elements that used for composite modeling is the linear continuum 
shell (SC8R). Continuum shells discretize an entire three-dimensional body. Unlike the 
conventional shells, continuum shells have only displacement degree of freedoms at their 
nodes and their thickness is determined from the element nodal geometry.  Therefore, 
their geometry looks like solid elements but their underlying kinematics and constitutive 
behaviour is similar to the conventional shells.  They employ first order layerwise 
composite theory and can be stacked to provide some information on the though 
ckness response. Continuum shells can be used for any thickness but thin continuum 
f such structures. The current work aims to address this issue, 
ecifically to increase the understanding on the blast response of various blastwall 
become increasingly important for blast protection in offshore topsides. Their blast 
thi
shell elements can however affect the stable time increment in dynamic problems using 
explicit formulation (see Equation 1.13).  Another advantage of continuum shell elements 
is they can model contact response more accurately by taking account of the two-sided 
contact surface and change in thickness.   
 
1.5 Objectives and Scope of Study 
It is evident that there is a clear lack of available design guidance on the limit states 
response of structures subjected to blast loadings due to limited understanding on the 
failure response o
sp
systems by proposing suitable finite element methodologies for assessment and design. 
The first blastwall system introduced in this thesis is stiffened panels which they are also 
widely used as primary members such as floor and roof plates in offshore topsides. A 
more detailed and comprehensive study is carried out on profiled panels where they have 
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response and design assessment are thoroughly studied. For safety assessment of 
explosion hazards where inadequacies may be identified, a feasible strengthening 
chnique for existing topside profiled blastwall is proposed. Lastly, in taking advantage 
tural schemes that would be discussed in details in subsequent chapters, and 
s well as a brief discussion on the fundamentals of finite element and dynamic analyses 
stiffeners and plate subjected to the influence of in-
lane boundary condition are presented. The finite element model is validated with two 
te
of the new developments in composite materials, the feasibility of using laminated 
composite panels for blast protection is also studied. The organization of the thesis is 
given below. In each chapter, the approach and sub-objectives to achieve the overall aim 
of the current work are identified. 
   
The thesis comprises of seven chapters. Chapter 1 attempts to give a broad introduction 
to the subject including the concepts of protection, characterization of blast loadings, the 
types of struc
a
to nonlinear events. A more comprehensive literature reviews and the backgrounds of the 
works will be given at each chapter. Experimental test descriptions and data are given 
whenever available and appropriate, and all numerical works are conducted using 
commercial finite element packages ABAQUS/Standard and/or ABAQUS/Explicit unless 
otherwise stated.  
 
Chapter 2 presents an introductory study for stiffened plate system and a few salient 
points on their blast response, in large deflection and plastic deformation, and important 
characteristics such as interaction of 
p
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large scale blast tests. Excellent references on the blast response of stiffened plates are 
also given for completeness.     
 
The deformation and failure of the profiled panels due to blast load, covering various 
important aspects such as failure modeling and rate effects are covered in Chapter 3. In 
particular, a force based failure criterion has been successfully applied in the finite 
lement analysis to model weld failure and subsequent plate tearing. Three large scale 
f nonlinear finite 
ment analysis for blast assessment are presented with numerical examples. Existing 
against 
three finite element models of varied compactness and materials. They attempt to cover a 
broad spectrum of possible profiled blast wall configurations where their response 
extends into the post failure regime.  
 
e
blast tests are described and are used to validate the proposed finite element models. The 
chapter concludes with a case study of a deep profiled blast wall that requires detailed re-
investigation of its blast resisting capacity due to a substantial increase of its original 
design load. 
 
The next chapter extends the study presented in Chapter 3 and discuss on the design and 
numerical assessments of profiled blast walls where there are clearly limited discussions 
in the literatures. Guidance and recommendations relating to the use o
ele
design guidance (TN5) and the corresponding Single Degree of Freedom method for the 
design of profiled blast walls are reviewed and their adequacy are investigated 
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A novel technique of stre energy absorbing passive 
impact barrier or bracing systems is proposed in Chapter 5. The technique is assessed for 
both the shallow and intermediate profiled blast walls, and the proposed FE models are 
validated with some large scale experimental tests. Current studies demonstrate that the 
barrier systems are found to be promising and are effective in enhancing the capacity and 
energy dissipation of the blast walls.   
 
Chapter 6 presents a relatively new concept of blast wall system by making use of so 
called advanced material such as glass reinforced polymer (GRP). The chapter presents 
finite element models to predict their global and failure response. In particular, the 
proposed models of resin rich layer and spot weld model offer some promises to predict 
delamination failure reasonably.  Coupled with in-plane failure criterion that has been 
successfully implemented as subroutines into the finite element program, the blast 
response of laminated composite beams and plates are assessed. A study to compare their 
structural performance with the steel blast walls concludes the chapter.  
   
Finally, the key findings of the above work are presented in Chapter 7. Some of the 
inadequacies are identified and recommendations for further works are presented. 
ngthening existing blast walls by 
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2. STIFFENED PANEL 
2.1 Background 
Stiffened panels (Figure 2.1) are common structural elements in offshore installations and 
ship’s hull and decks. They can serve as primary load bearing members or as standalone 
blast barriers to isolate the high risked blast zones and thus their response under blast 
loading has received much attention in recent years. Although much works have been 
done in predicting the pressure impulse from an explosion, blast response of structures 
and its elements are much less studied. The current investigation point towards the 
importance of the boundary conditions and the plate response is greatly influenced by the 
interaction of the stiffener and the plating. In particular, there is an immediate need to 
develop a model that is capable in predicting the blast response of such installations.  
 
Complemented by both large and small scale experimental testing, Schleyer et al [2.1-
2.2] has developed simple mathematical tools to predict the dynamic blast response of 
stiffened and uns ular pulse shape, 
cale effects, variable boundary conditions and different response regimes (see Table 1.1) 
tiffened plates. Parameters such as elastic effects, irreg
s
are considered. Elastic effects are found to be negligible if the ratio of kinetic energy to 
strain energy is more than 10 provided 1/ 〈〈Tτ   [2.3]. In the context of offshore topsides, 
elastic effects are usually to be considered. Through their studies, preliminary design 
guidance for stiffened plates subjected to blast loads is presented [2.3].     
 
The effects of initial imperfections are studied by Louca et al [2.4-2.5]. A simplified large 
displacement elastic analysis based on Langrage equation is developed and the results 
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compared favorably with the nonlinear finite element analysis (NLFEA) provided higher 
deformation modes do not occur. In a separate study [2.6], good correlation in the plate 
response is obtained from the Single Degree of Freedom Method (SDOF) and NLFEA 
where little plasticity occurred. A large scale experimental study on stiffened panels 
ubjected to gas explosion is described by Pan et al [2.7].  s
 
 
Figure 2.1 Doubly stiffened panel after blast test [2.7] 
 
By conducting a series of small scale blast tests on stiffened and unstiffened rectangular 
erizes the failure modes of blast loaded plates [2.9-2.10], Nurick [2-11] further charact
plates which were originally observed by Menkes and Opat [2.12] for impulsively loaded 
aluminum beams. As part of their numerical prediction on the response of the blast 
loaded plates, Maximum Strain Criterion is used to predict the initiation of Mode II 
tensile tearing failure.  In addition, they also point out that there exists an optimum 
stiffener and plate thickness ratio to obtain a minimum global response. It is however 
 19
worth noting here that by using elementary scaling laws, generally good results can be 
obtained for structures made from strain rate insensitive materials undergoing dynamic 
uctile response, but fracture due to tearing, cracking and shearing may invalidate the 
results [2.8].   
 
In this chapter, the blast response of a typical stiffened panel is investigated using a 
The two panels are approximately 2.5m square and 8mm thick. They are welded onto the 
specimen frames made from 203 × 133 × 25 UB that are bolted to the test rig prior to 
testing. Each panel is welded with two 140 × 7 mm bulb flat 900 mm apart. Note that the 
stiffeners of the F122 and F123 models are on the unloaded and loaded side respectively. 
The in-plane restraint for F122 model is derived from the torsional stiffness of the 
d
general-purpose finite element program following a recently conducted large scale blast 
test program [2.7]. Large deflection and extensive plastic deformation are considered. 
The characteristics of the stiffener and plate interaction, subjected to the influence of 
boundary conditions and blast loads, are given.  
 
2.2 Experimental Setup and Observation 
Explosion tests on two stiffened panels are carried out by Advantica (formerly British 
Gas) [2.7] in a specially constructed chamber 3m by 3m by 10m long where controlled 
explosions are generated. The two test arrangements are shown schematically in Figure 
2.2. Note that the F122 and F123 models represent typical stiffened floor and roof panel 
respectively in offshore topsides.  
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Figure 2.2 Blast test arrangement for stiffened panels [2.7] 
 
Mixtures of combustible gas are fed into the explosion chamber and ignited at the far end 
from the panel. A uniform distribution of the blast wave on the panel is obtained by 
placing plastic pipes between the panel and ignition point. The recorded pressure time 
histories for the two panels can be assumed to be similar for this study, with slight 
differences in both the shape and the peak overpressures. The measured and idealized 
pressure impulses are given in Figure 2.3. Actual raw blast data is much more 
complicated than that shown in Figure 2.3 with severe oscillations and varying 
frequencies. Time averaging technique is commonly used to produce usable data for 
design purposes. Effects of pressure idealization are discussed in the next chapter. 
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Displacements for F122 are measured using displacement transducers while the 
displacements for F123 are obtained based on acceleration history. 
 
 








 Measured Pressure 
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2.3 Finite Element Modeling 
Note that symmetry condition is not necessary maintained during a blast response 
analysis since different modes of vibration may be excited and/or antisymmetric buckling 
condition may prevail.  For the current model, a quarter model is found to be adequate. 
Figure 2.4 shows the finite elements for the F123 model. F122 model is similar except 
the restraining bars along the two edges are removed. The specimen frame is included in 
order to more accurately model the semi-rigid boundary condition.  
 
A total of 1872 4-noded linear re uced integration shell elem
stiffeners, panel and frames. The bulb part of the stiffener is represented by sixteen 7 × 7 
d ents are used for the 
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mm squared section beam ele ts. For the F122 model, pinned boundary condition is 
applied to the outside part of the frame’s top flange and the pressure is applied in a 
direction such that the stiffener is on the unloaded side. For the F123 m del, the outside 
art of the frame’s lower flange is restrained in the plane normal to the panel and the 
ressure is applied in the direction such that the stiffener is on the loaded side. 
dditionally in an attempt to model the slippage in bolt connections, in-plane restraint is 






imposed using 50 mm long 5 ×
 
 
Figure 2.4 Finite element model for F123 
 
Both material and geometric nonlinearities are included in the finite ele ent models but 
strain rate effects are not considered si t typical stiffened panels subjected to 
hydrocarbon explosion, their effects may not be significant. This can be explained by the 





el governed by 2 /T M Kπ=  (see Table 1.1). Plasticity is geq eq overned by 
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von Mises yield criterion combined with an isotropic hardening rule and an associated 
flow rule. Figure 2.5 gives the true stress strain relationships derived from experimental 
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Figure 2.5 S ents 
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2.4 Results and Discussions 
The deformed geometry for F122 and F123 are shown in Figure 2.6. A good qualitative 
comparison can be made from Figure 2.6B with Figure 2.1. The buckling of the stiffener 
at mid span is also well captured. The peak displacements for F122 and F123 are shown 
in Table 2.1, and the displacement histories are given in Figure 2.7.  
 
 
(A) F122  
 
(B) F123 
Figure 2.6 Deformation of finite element model F122 and F123 
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Figure 2.7 Displacement histories for F122 and F123 
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2.4.1 In-Plane Restraint Boundary Condition  
F122 model slightly over predicts the peak centre deflection by about 10% and this may 
be due to rate effects during plastic deformation that have been ignored. The under 
prediction of peak centre deflection for F123 is believed to be due to the over estimation 
of the in-plane restraints, i.e. actual bolt slippage can be higher. Unfortunately, in-plane 
movement of the test rig is not measured. Other possible contributions include errors 
introduced during the integration of acceleration history to obtain the displacement.  
 
It is tempting to conclude that the difference in peak deflection of F122 and F123 (Table 
 
resulting in buckling at its mid 
an.  
2.1) is due to the state of stress in the stiffeners. However, from Figure 2.7, the stiffness 
of F122 and F123 is quite similar at low loading levels before the stiffeners buckle, 
implying that membrane action is still not significant when deflection is still relatively 
low. The difference becomes obvious when the pressure history approaches its maximal 
at about 65ms (Figure 2.3). Figure 2.7B includes the plot for the case of no in-plane 
movement, resulting in the difference in peak deflection of about 50%.   
2.4.2 Stiffener-Plate Interaction 
The deformed geometries for F122 and F123 model are shown in Figure 2.6. It is clear 
that stiffeners in both models have buckled, irrespective in the direction of loading 
although in different locations. The stiffener for F122 is mainly in a state of tension along 
its span except near its ends where compressive stresses developed due to moment 
rigidity. The stiffener for F123 is in a state of compression 
sp
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The response of the panel after buckling of stiffener can be depicted in Figure 2.7. Prior 
to buckling, the stiffener is very effective in controlling the displacement response when 
compared with the response of unstiffened panel. Such effectiveness diminishes rapidly 
after the buckling of stiffener, resulting in approximately equal stiffness for both the 
stiffened and unstiffened panels although the overall peak deflection has been reduced. 
In-plane restraint has little effect on the response in the early stages of loading and 
becomes relatively more important than the stiffener effect in controlling the deflection at 












Max ne Move : 7mm(S m(US)



















 In-Pla ment ); 11m
  50 ms:  S   US 
100 ms:  S   US
150 ms:  S   US
250 ms:  S   US
 
(A) F122 
Figure 2.8 Response curves for F122 and F123 (cont’d) 
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ssuming an isosceles triangular distribution of pressure time history (see Figure 2.3), 
s the peak deflections for a wide range of typical pressure pulses for the 
122 model are 
9ms and 94ms for the stiffened and unstiffened panels respectively. For pulse duration 
(B) F123 




stiffened and unstiffened plates subjected to both F122 and F123 load conditions. The 
maximum in-plane movements for both models are indicated in the figures.  
 
With reference to Figure 2.8A, the deflection response for the unstiffened panel is about 
3.8 and 1.3 times greater than the response of the stiffened panel for the 0.5 bar load case 
and the 3.0 bars load case respectively.  The elastic natural periods for F
2
greater than 100ms, the response for the stiffened panel is in the quasi-static response 
regime and thus the deflection response is not affected by the pulse duration. Moreover, 
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the effect of pulse duration becomes obvious in higher pressure levels due to reduced 
stiffness of the panel resulting the response in the dynamic regime. For the 3 bars load 
case with 50ms pulse duration, the dynamic amplification factor is about 1.1 for both the 
stiffened and unstiffened panel.      
 
The elastic natural periods for F123 model are 29ms and 90ms for the stiffened and 
 bars load case respectively. The dynamic 
mplification factor is about 1.2 for the 3 bars load case with 50ms pulse duration. 
artial in-plane restraint condition in F122 model has little 
fluence on the effectiveness of the stiffener for the cases considered here. This has also 
plate are not restrained.  
 as either encastre, pinned or free in the in-plane 
irection. Upon buckling of the stiffener, the case for the free boundary condition shows 
unstiffened panels respectively. The above comments for F122 model are valid for the 
corresponding F123 model shown in Figure 2.8B where the deflection response for the 
unstiffened panel is about 3.8 and 1.4 times greater than the response of the stiffened 
panel for the 0.5 bar load case and the 3.0
a
 
The reduction of the peak deflection response due to the stiffeners is summarized in 
Table 2.2. It is noted that the p
in
been observed in [2.3] where for a 1m plate when subjected up to 1 bar pressure of pulse 
duration 60-80ms, the stiffener has little effects on the maximum and permanent 
deflections when the edges of the 
  
Finally, the effects of boundary conditions on the buckling of the stiffener are shown as 
static load deflection plots in Figure 2.9. Here, the boundary conditions around the 
peripheral of the panel are idealized
d
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an immediate reduction of the stiffness. This is not observed with the other two boundary 
conditions, implying that stiffener has little effect if full in-plane restraint condition can 
be realized.  
 
Table 2.2 Average percentage on the reduction of peak deflection due to stiffeners 
Model Pulse Pressure (bar) 
 0.5  1.0 2.0 3.0 
F122  74 63 28 21 
F123  74 68 33 27 
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Figure 2.9 Static load deflection plots for F123 
 
2.4.3 Other Considerations 
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Pan et al [2.7] has studied  and concludes that lower 
peak deflection respo e expense of higher 
nsferred to the primary support members at the stiffeners web. In 
.5 Summary 
events are given. 
captured.  Following this, parametric studies are carried out to establish a series of 
the effectiveness of I-beam stiffeners
nse can be obtained. However, this comes at th
shear stresses tra
addition, lower membrane stresses are obtained for plates with stiffeners due to a higher 
flexural rigidity.   
 
For all cases considered here and elsewhere [2.3, 2.7], there is no indication of 
tearing/shear failure at the connecting edges of the panel since strains remain relatively 
low in these regions although some yielding may occur.   
 
 2
The blast response of floor and roof stiffened panels in a typical offshore topside is 
investigated. The study practically simulates the response of the stiffened panel due to 
possible occurrence of explosion inside a topside module. The influence of boundary 
conditions and stiffener-plate interaction are discussed. Other equally important 
considerations including impulse transferred to the primary structures and the possibility 
of material rupture failure that may lead to escalation of 
 
The modeling of the stiffened panel subjected to blast is carried out using nonlinear finite 
element techniques. These numerical procedures using a general explicit finite element 
package are outlined. The correlations obtained with test results are reasonably good 
where major features and global deflection response of the cases considered are well 
 32
response curves of the stiffened panels subjected to a wide range of typical pressure 
pulses. Below gives the main findings from this study: 
 
(i) The effectiveness of stiffener reduces w h increasing pressure mainly because of 
b  
plate structure behaves as an unstiffened panel. For full in-plane restraint condition, the 
ng of the stiffener. Rupture of the panel has not been observed although large 
pulses transferred to the primary frame members should be checked. 
it
uckling of the stiffener and plastic deformation. After buckling of the stiffeners, the
stiffeners have little effect on the response.  
 
(ii) Dynamic load factor is not affected by the presence of the stiffener for both F122 and 
F123 models. Also, the location of the stiffener in the loaded or unloaded side has little 
effect on the overall response. 
 
(iii) Plastic deformation and buckling of the stiffeners reduce the stiffness of the panel 
and may change the response regime, resulting in the importance of rate effects which 
may otherwise be safely ignored. 
 
(iv) Stiffeners are important in the early phase of response, and in-plane restraint 
condition can significantly affect the plate response especially when the blast load is high 
enough to cause large deformation.  
 




3. PROFILED PANEL I: 
DEFORMATION & FAILURE 
3.1 Background 
An increasingly popular class of blast barriers used in offshore topsides and vessels is 
profiled panels, or commonly known as corrugated panels (Figure 3.1). Its major 
advantages over traditional stiffened panels are its structural ductility and thus reducing 
the risks of failure of primary support frames. As such, different assessment crite
 
ria will 
e required. In this system, large displacement and extensive plasticity are allowed as 
ents does not occur. Rupture should be prevented due to the 
nd fire engineering for 
pside structures [3.1] has shown overpressures of several bars are possible in a typical 
ffshore module.  Surprisingly, little hard data exists on the blast response of such panels, 
specially in the large plastic deformation regime.   Moreover, encouraging results have 
e researchers in closing this gap.  
b
long as escalation of ev
concern of passage for fire and toxic smoke.  
 
Many existing profiled panels designed as firewalls only consider low blast pressure of 




been achieved by som
 
Schleyer and Campbell [3.2] develop a simple energy formulation to determine the 
displacement time history of various flat and corrugated profiles. Comparison with large-
scale experimental data shows good agreement. The formulation can be modified to 
account for pinned or rigid boundary conditions and negligible in-plane resistance for 
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modeling the corrugated profiles. Recent studies by Malo [3.3] had presented 
experimental test results on quasi-statically loaded small scale corrugated panels using a  
 
 
Figure 3.1 Typical profiled blast wall in Belanak FPSO (McDermott Batam Yard 2004) 
 
water pressure chamber. Good correlation is achieved with finite element analyses in the 
elastic range and up to the point of local panel buckling. Leach [3.4] has recently 
extended the Biggs [3.5] method, sometimes referred as Single Degree of Freedom 
Method, to panels with different boundary conditions and has provided design charts for 
the elasto-plastic design of corrugated cladding panels subject to blast loading. A more 
comprehensive review on the Biggs method is discussed in Chapter 4. Plane et al [3.6] 
as investigated the response of a full scale corrugated panel with both finite element 
iques. He uses thick shell elements to model the 
h
methods and simplified yield line techn
panel and a fillet weld in a single trough of a corrugation where the strain is shown to be 
critical in an initial analysis. The results from the finite element studies compare 
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favourably with the experimental results. The results overestimated the deflections 
measured in the experiments which are attributed to the material model adopted which is 
based on guaranteed minimum values of yield stress. The effects of variations in the 
pressure distribution on the overall response of corrugated panel are discussed by Louca 
t al [3.7]. Further useful information can also be obtained from Czuijko [3.8] and SCI 
[3.9]. 
 
The following sections discuss in some details the strain rate effects and failure modeling 
 
3.2 Strain Rate Effects 
h strength ste
research on the effects of strain rate. Apart from the limited published data on the rate 
effects on stainless steel, recent studies have demonstrated that differences exist on the 
rate effects between normal and high strength steel [3.10-3.11].  
 
e
of rupture in the profiled panel. Both the strain rate model and failure models are 
incorporated into the material constitutive model to predict the blast response of the 
profiled panels. Some important issues regarding finite element modeling are also 
discussed. In addition, large-scale experiment tests are described to validate the proposed 
models. Finally, a case study on the response of a deep trough blast barrier is presented to 
distinguish its failure response behaviour from that of shallow profiled barriers.    




3.2.1 Current Status 
In general, for most structural steel such as mild steels, both the upper and lower yield 
strain and stress increase with strain rate until the ultimate load is reached without 
ielding. However, the effect decreases as the yield strength increases. Both the ultimate 
stress and str fects can be 
significant on strain at initiation of strain hardening. Strain at initiation of strain 
ining that reduce the 
ndency towards martensitic transformation [3.15]. It is further argued that a single 
verstress model or power law to describe the hardening behaviour may not be adequate 
s the strain rate sensitivity can increase dramatically at strain rates in the order of 103 s-1. 
est results [3.16] have also been presented on the influence of strain rates in relation to 
mperature, specimen sizes, weld types/sizes and welding procedures on fully welded 
moment connections. H ure (fracture) strain is 
not conclusive [3.11, 3.13 ssibly due fficulty o arrying out the test on 
material up to the point of rupture. In [3.14], a s
rates up to 6 s-1 had been observed while no such effects had been obtained for a range of 
aluminum alloys and structural steels including 302 and 310 stainless steel, for strain 
rates from 1.6 × -1. In contr .11] sho at the rupture strain 
rade 1.4404 (316L), 
rade 1.4362 (SAF 2304) and Grade 1.4462 (2205) stainless steel. Furthermore, the 
y
ain are relatively insensitive to strain rate but the rate ef
hardening can either increase or remain constant with increasing strain rate. Rates of 
hardening tend to decrease with increase in strain rates, approaching a rigid perfectly 
plastic behaviour [3.12-3.15]. For 304L stainless steel, lower hardening rates are obtained 






owever, the influence of strain rate on rupt
-3.14], po to the di f c
light increase in rupture strain for strain 
10-4 to 8.33 × 102 s ast, [3 wed th
reduces with increase in strain rates for low carbon mild steel, and G
G
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elongation for many materials to fracture increases with strain rate beyond the usual 
metal working range until a critical strain rate is reached where ductility falls off rapidly 
[3.17].  
 
3.2.2 Empirical Constitutive Equation  
The most rational way in treating strain rate effects is to develop a theoretical model 
ased on microstructural behaviour of the material concerned. At present such model is 
not available and reliance on appropriate empirical constitutive equations is adopted. A 
comprehensive review on the theoretical basis and applicability of various equations is 
given in [3.18-3.19].  A constitutive equation commonly adopted by the offshore industry 





Dσ                                                      
q
s




                                                        (3.1) 
σ and sσ are the uniaxial dynamic and static flow stress respectively, pε&  the 
corresponding plastic strain rate and, D and q are the curve fitting material constants. The 
relationship relates more closely to the upper yield point but exaggerate its influence on 
the lower yield point. It is important to note that given a set of material constants, 
Equation 3-1 implies that the degree of overstress due to rate effects is independent of the 
strain levels. To take account of triaxial stress state, Equation 3-1 can be expressed as  
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                                                  (3.2) 
σ  is the equivalent dynamic flow stress and pε&  is the equivalent plastic strain 
rate. σ  can be expressed as 2 2 2 2 2 2 1/ 2[( ) ( ) ( ) 6( )] / 2x y y z z x xy yz zxσ σ σ σ σ σ σ τ τ τ= − + − + − + + + and the 
corresponding 
pε&  is expressed as 2 2 2 2 2 2 12[( ) ( ) ( ) 6( )] / 3p x y y z z x xy yz zxε ε ε ε ε ε ε ε ε ε= − + − + − + + +& & & & & & & & & & / 2 . 
These equations rem
3-1 [3.12]. The material constants are evaluated from a least mean square fit to the 
experimental data by plotting the lo rithmic curve from - which can then be 
written as given in Equation 3-3. 
 
                                                
ain to be fully validated except in the uniaxial case given in Equation 
ga  Equation 3 1 
log log 1 l+ ogp
S
q Dσσ
⎛ ⎞−⎜ ⎟⎝ ⎠
                                       (3.3) 
 
D may be regar he refere rain rate and is a measure of the sensitivity of the 
rate effects, and nes the slop ic curve and is a measure of the 
the material. From some reference tests [3.10-3.11], the 
ε =&
ded as t nce st
q defi e of the logarithm
hardening characteristics of 







Table 3.1 Material constants for rate effects 
Material D (s-1) q 
Mild Steel* 40 5.00 
Stainless Steel (304) 100 10.0 
Stainless Steel (316) 240 4.74 
Aluminum Alloy 6500 4.00 




These material constants are derived from dynamic uniaxial tensile tests that are carried 
out at moderate strain rates and strains (1.4×10
                                respectively (see footnote). 
less steel.  Rate 
ent factors (KSR) are evaluated for a range of pre-yield
-4 to 8.33s-1). Caution need to be exercised 
in using these values in large plastic strain analysis. Some modifications have thus been 
proposed [3.11-3.12]. On a similar note, tests have also revealed that nonlinearities exist 
in small strain rate regions, which clearly Equation 3-3 has violated.  
 
 
3.2.3 Rate Enhancement Factors 
To take account of some of the inherent limitations of empirical constitutive equations, 
that is the decouple of strain history to rate effects, a series of tests [3.11] is conducted to 
provide useful database on rate effects of some commonly used stain
enhancem )( yε& and post-yield )( uε&  
strains rates at the proof strengths and tensile strengths respectively. The strain rate 
formulation is given in Equation 3-4 and the enhancement factors for Grade 316 stainless 
steel are given in Table 3.2 and Table 3.3.  
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Figure 3.2 Dynamic/Static flow stress ratio for SS316 stainless steel  




Table 3.2 Strain rate enhancem
1(s )uε −&  uSRK )(  1(s )uε −&  uSRK )(  
0.0080 1.00 0.1790 1.03 
0.0159 1.01 1.7000 1.05 










ε −&  1(s ) 1.0)( SRK  2.0)( SRK  0.1)( SRK  
0.0000 0.93 0.92 0.94 
0.0017 0.99 0.99 0.99 
0.0025 1.00 1.00 1.00 
0.0086 1.04 1.04 1.03 
0.0178 1.07 1.07 1.05 
0.0880 1.12 1.13 1.09 
7.4200 1.28 1.28 1.21 
 
For simplification, a linear relationship is assumed for the factors given in Table 3.2-3.3.  
nd Equation 3.4 is illustrated in Figure 3.2. The 
.3 Failure Models for Rupture 
he ability to estimate the 
containment pressure of the blast barrier. A number of models have been proposed in the 
literatures for modelling ductile failure processes of plate structures involving large 
The significance of using Equation 3.1 a
Cowper Symonds equation predicts higher rate factors especially for high strain rates. 
However, it does not have any dependency on the strain levels which is obvious from 
Table 3.2-3.3. Unfortunately, due to difficulty in testing at high strain rates, the rate 
enhancement factors are only available up to about 10s-1. The two strain rate models are 
implemented into the finite element analysis to investigate their influence on the two 
proposed failure models that are described next.  
 
3
Another important aspect in the safety assessment is t
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strains and displacements under dynamic loading. All these models can be broadly 
classified as stress-based [3.21-3.22], strain-based [3.23-3.27] or energy-based [3.28-
3.30] in accordance to fracture mechanics or continuum mechanics. Good correlations are 
generally obtained with experimental results but their applicability in areas outside their 
investigated domain requires further study. In offshore topsides, a limiting total strain of 
5% is imposed for plates resisting explosion loads by both bending and membrane action. 
This however may suggest very severe deflection limits which can cut short the energy 
absorption capability of structures under large deflections. A point worth noting is that 
there is yet a universally accepted criterion although in a comprehensive review on a 
number of failure criteria, Jones et al [3.25] suggests both critical values of uniaxial 
nsile rupture strain and plastic strain energy density are promising criteria for material 
failure of mild steel beams and plates under impact loading.  
 this study, a shear failure criterion and a spot weld criterion are adopted in an attempt 
 the profiled panel from the connection. 
They are based on simple local damage mod
ents. The elem eshes or the failure of material 
points will be monitored and updated in accordance to the failure criteria.  
 
 Model 
The shear f failure criterion which is driven by 




to model weld failure and subsequent tearing of
els incorporating the effects of detachment of 
nodes or elem ent connectivity of the m
3.3.1 Shear Failure
ailure model is essentially a rupture strain 
yie . The model is suitable for high strain r te
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problems. The shear failure criterion is based on the value of equivalent plastic strain at 
the element integration point and is defined as 
 
                  2 2 2 2 2 2 12[( ) ( ) ( ) 6( )] / 3p x y y z z x xy yz zxε ε ε ε ε ε ε ε ε ε= − + − + − + + + / 2                 (3.5) 
 
For first or  assumed der reduced integration shell elements, failure of the elements are
when all the through thickness integration points fail, after which the elements no longer 
play a part in the response of the panel. At an integration point, failure occurs when the 
incremental plastic strain 
 
                                                        p critε ε≥∑                                                          (3.6) 
 
where critε  is the imposed rupture strain which can be re e ductility of the 
weld. The rupture strain can be defined as a function of stress triaxiality normalized as 
the ratio of mean stress and equivalent stress which can be determined from not
garded as th
ched 
nsile tests [3.24]. In this study, no test is specifically carried out to establish a rupture 
 rupture strain for SS316L in 
e range of 48%-51% from a series of strain rate tests.  The connecting weld for the 
te
strain value although past studies [3.11] have determined the
th
firewall is assumed to behave similarly to the parent material and the shape of the stress-





3.3.2 Spot Weld Model 
The spot weld model was originally developed to describe the surface interaction 
between different part assemblies that are commonly used in the automobile industry 
[3.31]. There are three variations of the spot weld model, namely the non-debonding 
model, debonding model and post failure debonding model.  
 
3.3.2.1 Non-debonding spot weld model 
The non-debonding spot weld model is a coupling constraint model to connect two finite 
element meshes together. Additionally it provides a means to investigate the through 
thickness stress of shell element which would otherwise be impossible due to the 
inematics assumptions. The anchoring point for the spot weld is mesh independent and 
coupled although no failure is imposed in the 
odel can be 
posed where its behaviour is governed by a force based failure criterion. As in the case 
k
all the translational degrees of freedom are 
model. This model is compatible to both the implicit and explicit formulations of the 
finite element [3.31]. 
 
3.3.2.2 Debonding / Post failure debonding spot weld model 
For the profiled panel, the continuous weld connecting the panel and the supporting 
angles can be idealized as discrete weld points where the spot weld failure m
im
for the non-debonding model, the spot weld is assumed to carry no moment or torque. A 
spot weld carries a normal force, either tensile or compressive, to its connected surface 
( NF ) and two orthogonal shear forces tangent to the surface, ( 1F  and 2F ). Once the 
failure criterion is met, yielding of the spot weld occurs and the yield surface continues to 
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deteriorate in an isotropic manner until the spot weld is broken, i.e. complete failure. The 
failure criterion is given as either Equation 3-7 or Equation 3-8 and a typical yield surface 



























                                                                     (3.7) 
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                               (3.8) 
                                                                                  
where    = maximum tensile force (Mode I) 
              = maximum shear force (Mode II) 
                          = )
max,NF
max,SF
( ) ( 2max,22max,1 FF +  
   = ultimate force causing failure in tension 
   = ultimate force causing failure in shear = 
ult,NF
ult,SF 3/,ultNF  
 
 
Figure 3.3 Typical yield surface and behaviour of spot weld model 
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In Equation 3.7, the post failure behaviour is described by the second term in the right 
hand side of the equation, where t is the time after initial failure and PT  is the time 
required for the spot-weld to fail, in a linear fashion, completely after the initial failure 
criterion has been exceeded. It can be approximated by equating the critical strain energy 
release rate to the kinetic energy and assuming the impulse is dissipated in a linearly 
fashion. Alternatively, the post failure be
third term on the right hand side of Equation 3.8 where are the breakage 
energies to be dissipated in Mode I and Mode II respectively. In some cases, the post 
failure behaviour can be ignored such that Equations 3.7 and 3.8 can be rewritten as 
 
                                                
haviour can also be given as the second and 





N ult S ult
F F
F F
⎛ ⎞ ⎛ ⎞+ ≤⎜ ⎟ ⎜ ⎟⎜ ⎟ ⎜ ⎟⎝ ⎠ ⎝ ⎠
                                     (3.9) 
 
Thus Equation 3.9 implies that once the u  criterion is met, the spot weld will fail 
completely and de is related to the 
membrane force and can be significant if full in plane restraint condition is provided. For 
the present problem on profiled panel, it can be shown later that the failure of the spot 
weld is relatively independent of the normal force component. In this case, Equation 3.9 
can be further reduced by ignoring the first term on the left hand side of the equation. 
This is equivalent to stating that the yield surface is a horizontal line as shown in Figure 
3.3. Similar assumption can be made to the shear force component as appropriate. For all 
discretized spot-welds, Ksr is assumed to be 1.07 to take account of the rate effects (see 
Table 3.3). This model can only be used in explicit finite element package. 
fail re
bonding occurs. The normal force component 
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3.4 Shallow Profiled Panel 
In this section, some large scale experimental tests conducted by Advantica [3.7] would 
be described followed by an outline of the methodology to investigate the blast response 
of shallow profiled panels. Strain rate effects and weld failure criterion given in Section 
3.2 and 3.3 are considered in the proposed finite element model. 
 
3.4.1 Experimental Setup and Observation 
The instrumented test panel shown in Figure 3.4 is fabricated from SS316 stainless steel 
sheets with a nominal material thickness of 2.5 mm. The pressure time history was 
obtained by means of a number of pressure transducers (P1-P7) mounted directly on the 
face of the wall and strain gauges (S) were used to monitor continuously the longitudinal 
(Y) and transverse (X) surface strains. In addition, a centrally positioned displacement 
transducer (L1) was used to monitor the structural response in a static test.  
 
Each panel measures approximately 2.50×2.30 m, oriented with the more compact flange 
acting as the compression flange, and welded onto a frame of 75×75×6 mm angle 
brackets. This frame is again welded onto a heavier supporting steel frame that is bolted 
directly into fixing arrangement of the explosion chamber.  A visual inspection of the 
recorded pressure traces indicates that, for the purpose of a numerical analysis, the 
pressure distribution can be assumed to be uniformly distributed over the surface of the 
panel. For each of the three explosion tests performed, referred to as FFD21, FFD23 and 
FFD39, the pressure records from the transducers are given in Figure 3.5.  
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 Figure 3.4 Instrumented blast wall for FFD panels [3.7] 
 
Illustrated in Figure 3.6, post test inspections showed that, despite the significant plastic 
hen along the vertical (longitudinal) 
elds. The panel has almost completely separated from the frame displaying a hugely 
distorted configuration at the end of the test. A special rig for static test is also 
constructed lidation.  
deformations, the integrity of the specimens FFD39 and FFD21 is maintained. Panel 
FFD23 is subjected to a significantly higher overpressures and failed during the test. High 
speed cine recordings show that rupture is initiated at the midpoint of the bottom weld, 
after which failure of the top weld is also observed. Hereafter, the rupture progresses 
steadily along the horizontal (transverse) welds, and t
w
 to gauge the degree of dynamic amplification and for numerical va
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Figure 3.5 Pressure time histories for FFD panels 
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(B) FFD 21 
Figure 3.6 FFD panels after explosion test 
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3.4.2 Finite Element Modeling 
A quarter finite element model using explicit formulation for the FFD panels is shown in 
Figure 3.7. The angle brackets are assumed to be encastre along the supporting edges. All 
the panels and supporting angles are modeled as an assembly of quadrilateral thin shell 
elements of type S4R [3.31]. These are first order reduced integration elements which are 
intended for both thick and thin shell applications involving large displacements and 
finite membrane strains. Numerical integrations are carried out at the integration points 
by means of 5 points Simpson Rule so that surface strains can be compared directly with 
test measurements. In order to check the sensitivity of the numerical results to mesh 
ensity, three different mesh configurations (Figure 3.7) labeled as M1 (rough), M2 
ed.  
d




Figure 3.7 Finite element schemes for FFD panels 
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The quasi-static stress-strain relationship for the SS316 material is obtained from uniaxial 
tension tests and converts to true stress strain relationship as given in Figure 3.8. In 
accordance to the guidelines given in [3.32], some idealized forms of the measured 
pressure traces are included in Figure 3.5. The effects on the response of the panels due to 
these idealizations are discussed in later sections.      
 







E = 200-205 GPa
v  = 0.3

















Figure 3.8 True stress-strain material properties for stainless steel 
 
3.4.3 Results and Discussion 
3.4.3.1 Static analysis and sensitivity studies 
Both measured and predicted static responses of the panel with various mesh densities are 
shown in Figure 3.9. There is generally a good agreement indicating that significant 
features such as geometry and boundary conditions of the test panel are well represented 
























































Figure 3.9 Static response for FFD panels (cont’d) 
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Figure 3.9 Static response for FFD panels  
 
Slightly conservative deflections are predicted but the peak at 1.1 bars and the global 
stiffness of the pane  measured readings 
ness at about 0.18 bar which is due to flattening of the 
l are well represented. Both the predicted and
capture the initial reduction in stiff
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first corrugation along the vertical boundary, and a sudden increase in stiffness at about 
0.3 bar which is due to the activation of membrane effects.  
 
All the responses (Figure 3.9A, 3.9B and 3.9D) converge for the M2 mesh except the 
nominal strain at the connecting edge of the panel where convergence cannot be obtained 
ven for the M3 mesh as shown in Figure 3.9C. This phenomenon of singularity is due to 
the idealization in the modeling of the fold lines of the corrugations and the high strain 
gradient in the regions of the corrugations connecting to the angles. It is illustrated in 
Figure 3.10 where the sensitivity studies to mesh density is carried out for a typical 
longitudinal corrugation of the panel representing a beam model. The strain singularity 
points occur for all mesh densities at the intersection of the web and the flange in the 
trough of the profile at the connection. Note that the response of dissipated energy is 
relatively independent of mesh density. Figure 3.9D shows that the dissipated energy 
continues to increase constantly with increasing pressure. This behaviour is due to the 
large strains developing in the vicinity of the connections and partly due to increased 
yielding at th fficiency and 
accuracy, M2 mesh is selected for subsequent studies that will be presented below.  
e
e interior of the panel. In view of the requirements for e
 
3.4.3.2 Response of FFD21 panel 
The FFD21 panel remains intact after the blast test. The deformation of the panel is 
shown in Figure 3.11. Figure 3.12 illustrates a typical strain response at one of the inner 
element (S1B). Additional results are given in Appendix-1. No failure criterion is needed 





Figure 3.10 Sensitivity studies for mesh densities (beam model) 
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BDEF   : 353.7























Figure 3.12 Strain response for FFD21 (S1BX) 
 
The deformed profile of the finite element model (Figure 3.11) agrees reasonably well 
w
corrugation and severe plastic deformation of the horizontal angles. This is partly due to 
ith test observation. There is substantial flattening at the middle region of the outer 
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the boundary conditions and a much higher longitudinal stiffness than in the transverse 
nel is given in the figure. The response predicted from the idealized pressure 
profiles compares very well with those from the measured traces. The rate of strain is 
adequately represented and the slight difference in response time is mainly due to the 
idealization of pressure traces. The strain reversal at about 90ms cannot be predicted 
because the negative impulse is not taken account of. Pressure profiles that ignore the 
initial rise time, i.e. BDF and BDEF, predict a more severe response due to its higher rate 
essure increase.  
3.4.3.3 Response of FFD39 panel 
As in the case of FFD21 panel, FFD39 panel undergoes significant inelastic deformation 
but the welded connection remains intact after the test. The deformation of the panel is 
shown in Figure 3.13. Figure 3.14 illustrates a typical strain response at one of the inner 
element (S1A). Additional results are given in Appendix-2. No failure criterion is 
considered here.  
 
The deformed profile given in Figure 3.13 compares very well with the panel after test 
(Figure 3.6A). The strain response for the inner elements correlates quite well with the 
measured values but the strains of the outer elements at the connecting edge are over 
direction.   
 
Figure 3.12 shows the strain distribution of a typical inner element for various idealized 





predicted (see Appendix-2). The inclusion of the negative impulse in this case has little 
effect on the response. 
 
 
Figure 3.13 Equivalent plastic strain contour plot for FFD39 panel 
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3.4.3.3 Response of FF
FFD23 panel is subjected to higher peak pressure res  subsequent 
tearing of the panel at th n e e l is almost 
completely torn out from the supporting angles as shown in Figure 3.15. The strain 
response for a typical inner and outer element is shown in Figure 3.16. Additional results 
are given in Appendix-3. 
 
D23 panel 
ulting in weld failure and
e connecti g edge. At th  end of th test, the pane
 
Figure 3.15 Equivalent plastic strain contour plot for FFD23 
the two idealized pressure profiles when compared 
 13% and 16% for the FFD39 and FFD21 panels respectively. It is apparent that the 
 
In contrast to the responses for the FFD21 and FFD39 panels, the pressure time history 
has a significant bearing on the response. There is approximately 97% difference in the 
predicted dissipated energy based on 
to
initial rise time of a high overpressure can be important. In general, peak strains for inner 
elements are better represented than outer elements. 
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Figure 3.16 Strain response for FFD23 (S1BX and S3BY) 
 
Clearly, the two models without imposed failure criterion cannot predict the response 
reasonably due to the absence of the strain reversal. Substantial improvements are 
achieved when the spot weld and shear failure criteria are considered as shown by the 
plots in Figure 3.16 where the rate effects are taken account by the rate enhancement 
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factors or Cowper Symonds constitutive equation. Better correlation is also achieved for 
the spot weld m or the S3BY element for reasons that will be ssed below. The 
weld failure edicted to pproximately 63-65 ms when compared to the 
measured tim t 64ms.    
 
3.4.3.4 Strain rate and weld failure 
Figure 3.17 s age and mum pla rain rates tions of 
the FFD23 panel. Strain rates at the connecting edge are relatively higher than for the 
inner elemen ue to str ocalization ts illustrated in Figure 3.10. The 
average strain rates can be considered uniform stributed  the panel. The 
maximum strain rates occur in a sudden manner and are deemed unrepresentative of the 






odel f  discu
time is pr be a
e of abou
hows the aver  maxi stic st at various loca
ts, which is d ain l  effec
ly di across
global response of panel. These average strain rates validated the use of Equation 3.2 and 
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Figure 3.17 Strain rate distribution for FFD23 panel 
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In general, both the spot weld and shear failure models predict similar trend of strain rate 
distribution across the panel. However their local behaviour at the connecting edge is 
very different as shown in Figure 3.18 below. The spot weld is not capable of capturing 
the through thickness strain distribution as compared to the shear failure model. This 
local phenomenon is significant in terms of the rate effects on the failure prediction of the 
eld as will be discussed later. The spot weld model predicts a somewhat average value 
 the shear failure model. 
w
of the responses given by
 




















































Figure 3.18 Through thickness strain distribution for spot weld and shear failure models 
 
Stiffening effects due to strain rates reduces the global response of the panel. When this 
happens, two things occur: (1) The rotation of the connection is reduced. (2) The impulse 
due to shear at the connection is increased. This phenomenon is clearly illustrated in 
Figure 3.19 that shows the effects of strain rates on the spot weld and shear failure 
models.  
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Figure 3.19 Effects of strain rate on failure models 
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Due to the stiffening effect, the connecting weld is correspondingly subjected to higher 
load. Because Cowper Symonds equation will give a stiffer response than the rate 
enhancement model, a more severe weld failure will result in accordance to the force 
based spot weld failure criterion. This is contrasted to the shear failure model. Indeed, the 
Cowper Symonds equation has predicted an unrealistic over-stiff response resulting in the 
panel remains intact with the angles for the RS25 (CS) model in accordance to strain 
based shear failure model. The predictions made by the spot weld and the shear failure 
models become consistent when the rate enhancement model is used. 
 
3.4.3.5 Further comments on spot weld model 
By arbitrarily setting Tp in Equation 3-7 of the spot weld model to be 100, 500 and 1000 
W890A, SW890B, SW890C) times of the initial stable time increment (S
( 1/ 2 6/ ( / ) 115 10stable e et L C L E msρ −≈ ≈ ≈ × ) of the current numerical scheme, Table 3.4 shows the 
post-failure behaviour of the spot weld.      
 
Table 3.4 Post-failure response of spot weld 









SW890 59.24 100.0 59.97 59.39 
SW890A 49.58 57.98 60.26 59.68 
SW890B 47.06 57.14 61.28 60.70 
SW890C 34.45 53.78 62.29 61.86 
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The weld failure time is delayed and thus the percentage of weld failure is reduced if the 
post-failure behaviour of the spot welds is considered. Strain rate effects have however 
resulted in earlier weld failure time with higher percentage of failure for reasons given 
above. For the shear failure model, strain rate effects will delay weld failure time and 
thus less weld failure.  The post-failure behaviour may mitigate the sudden immediate 
failure which is an inherent limitation of the spot weld model shown in Figure 3.18.   
 
3.4.3.6 Energy dissipation 
The maximum elastic energy, plastic energy and internal energy for the various models 
are shown in Table 3.5. The elastic energy and plastic energy are expressed as percentage 
of the internal energy. The model without incorporating failure criteria, denoted by SS1, 
is included for comparison purposes. 
 
All elastic strain energies increase with respect to the plastic energies for all models 
taking account of strain rate effects. Elastic modulus of steel is not affected by rate 
effects. Thus yield stress increases with yield strain resulting in higher elastic energy.  
Elastic modulus of steel is not affected by rate effects. Thus yield stress increases with 
yield strain resulting in higher elastic energy.  However, as expected in large deformation 
problems, the elastic energy remains relatively small. Models without any weld failure 
(i.e. RS25 (CS) and RS30 (CS)) shows considerable lower dissipated energy. By 
comparing SS1 with the spot-weld and shear failure models, it is clear that incorporating 
failure models will affect the magnitude of the dissipated energies which may relate to 
the overall ductility of the corrugated panel. The strain rate effects have generally 
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resulted in a decrease of internal energy for all models due to the stiffening effects. 
However, it is important to note that the dissipated energy is also largely governed by the 
extent of tearing of the panel that is in turn dependent on the adopted failure criteria. 
Significant difference in response due to various failure criteria is also observed in [3.29]. 
This suggests that response obtained may not be used as absolute values for further 
analytical study. Strain rate effects should also be taken into account when assessing the 
efficiency of the angles support system.  
 
Table 5 Dissipated energies for failure and strain rate models* 
 Elastic (%) Plastic (%) Internal (kJ) 




SS1 3.3 96.7 47.4 
SS1 (CS) 9.3 90.7 39.1 
SW890 1.8 98.2 121.2 
SW890 (CS) 7.5 92.5 109.7 
SW890 (Ksr) 4.4 95.6 114.7 
SW270 3.1 96.9 29.5 
SW270 (CS) 8.9 91.1 27.7 
RS25 1.8 98.2 102.6 
RS25 (CS) 8.7 91.3 39.2 
RS25 (Ksr) 4.7 95.3 91.5 










3.5 Deep Trough Corrugated Panel: A Case Study 
Numerical studies to assess the adequacy of a deep trough corrugated blast wall (DTCB) 
are presented here. The main objective of the study is to assess the survival of the blast 
wall under various loading scenarios in addition to providing more rational design 
guidance on profiled blast wall. The 11mm thick blast wall has a depth of 585mm and 
covers an area of 24 by 6.3m. Other structural details are given in Figure 3.20.  
 
The load transfers from the wall to the main support system by a pair of UB356×171×51 
beam at level 1 and W760×265×196 at beam level 3. The universal beams span between 
adjacent plate girders, to which they are connected by web-to-web welds. The wide 
flange beam is continuous for the full 
intersection with a plate girder. The plate girders at the two levels are positioned in a 
but staggered fashion. The girders are estimated to constitute rigid 
width of the wall, and supported at each 
nearly regular 
boundaries for the wall system. Further details are given by Louca et al [3.33]. 
 
3.5.1 Material Modeling 
The stress strain relationship for the grade 2304 stainless steel of the panel is given in 
Figure 3.8. Grade 316 is also used as an alternative to grade 2304 to assess the difference 
in the dynamic response of the panel. They are derived based on the minimum properties 
specified in EN 10088-2. These stress strain relationships are constructed based on the 
proof stress corresponding to 0.2% non-recoverable strain as the yield stress, and an 
ultimate strength corresponding to a plastic strain equal to the guaranteed fracture strain. 
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Failure is assumed when the plastic strain exceed the rupture strain of 18% and 34% for 
SS2304 and SS316 respectively. 
 
 
Figure 3.20 Structural details of DTCB: Top (elevation); Bottom (front) 
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3.5.2 Finite Element Modeling 
The panel and the supporting structures are entirely modelled by a total of 51684 shell 
lements as illustrated in Figure 3.21. A rather fine resolution of mesh is adopted so as to 
identical displacements which allow the development of a critical side 
ay failure mode. The stiffened seal plate is not included in the numerical model as it 
does not directly influence the deformation behaviour of the panel. The webs of the 
universal beams are assumed to be fully restrained where they connect to the plate girders 
but the cutback flanges are not retrained. The flanges of the wide flange beam are 
assumed to be restrained at all points which connect directly or indirectly to the girder by 
means of the 30mm thick stiffener plates.   
 
The panel is assumed to be subjected to a peak overpressure of 4 bars and duration of 
150ms with equal rise and decay time (refer pressure profile BDE in Figure 3.5B). In a 
later part of the study, the overpressure and load duration will be varied to obtain the 
response envelope of the blast wall.    
 
e
capture as accurate as possible for any anticipated local buckling behaviour as well as the 
deformation of the connections that may result in premature failure of the blast wall. The 
structural configuration of the blast wall will entail it to behave essentially as a one-way 
span system. The finite element model consisted of 6 corrugation strips in order to avoid 





Figure 3.21 Finite element model for DTCB 
 
3.5.3 Results and Discussions 
The deformations of the SS2304 and SS316 panels are shown in Figure 3.22. At 2.67 
ars, there is excessive straining (close to 18%) of the gusset plates, caused by the large 
lastic rotation of the upper leg of the angle bracket at the lower connection of the 




resulted in asymmetric strain nucleation and denting of the webs although the plastic 
strain remains relatively low at 3.2%. At about 70ms, there is significant distortion of the 
profiles and the web of the wide flange beam shows first sign of buckling. After 80ms, 
the web of the wide flange beam is significantly buckled due to the high concentrated 
load, and the plastic strain in the panel has exceeded the rupture strain. Continued loading 
causes the instability of the end plate at the upper connection and the eventual failure of 
the weld with the connecting beams.  
 
For grade SS316 panel, first sign of buckling of the panel is observed at about 50ms. 
 reaction forces at the supporting 
ructure and prevents the instability failure of the web of the upper support beam. 
Although the profiles of the panel are virtually collapsed at 60ms, the plastic strain of 
14.5% is still very much below the fracture strain of 34%. After 70ms, significant strain 
localization (21%) is observed at the connecting region of the panel with the cantilevered 
end plate. The cantilevered end plate is completely collapsed at 80ms and resulted in 
weld failure along the connecting region.  
 
The analysis has showed some significant different behaviour of the SS2304 and SS316 
blast walls. The more ductile SS316 steel has resulted in more severe deformation of the 
panel which exhibited a higher energy dissipating capability than the SS2304 panel. At 
the same time, it helps to mitigate the influence of
st
Furthermore, a reduction of steel grade has the effects of reducing the strains in the gusset 




Figure 3.22 Deformed finite element model for DTCB 
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3.5.4 Response Envelopes 
This parametric study is carried out to establish the response envelopes of the SS2304 
panel by varying the peak pressure and duration of the pressure time history. The 
supporting beams are assumed to provide rigid support in this study. Figure 3.23 shows 
the dissipated energy and maximum deflection for the various load cases with plastic 
strains values also included in the figure.  
 
At low pressure level (2.5 bars), the response is relatively insensitive to the duration of 
ion, the failure response envelopes for rupture and collapse of 
rofile are indicated in Figure 3.23.  
the pressure. For higher pressure levels, the increase in duration has accelerated the rate 
of increase in dissipated energy and resulting in earlier failure. This is due to the 
susceptibility of deep profiled panels to local buckling for relatively long duration of 
loading in which this behaviour is very different from the FFD panels investigated earlier. 
This buckling response can be observed from the differential deflection of the tension and 
compression flanges given in Figure 3.23B. The case for the 3.5 bars peak pressure with 
50 ms duration is assumed to have failed as the mid-span deflection has not quite 




From the above investigations, the blast wall is inadequate to resist the given design 
pressure. Strengthening of the blast wall is proposed (see Chapter 5). Although not shown 
here, the use of higher grade material (SS2205) and use of web stiffeners are not capable 
to increase the capacity of the blast wall to design pressure. This is due to the fact that the 
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upper support beam dictates the capacity for the SS2304 blast wall, although in both 
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els to simulate weld failure and plate tearing, and strain rate models are proposed. 
ese models are validated with large scale experiments on shallow profiled panels and 
good cor ifferent 
and their behaviour is presented using a DTCB panel as a case study.  Below summarizes 
 remove this limitation but cannot model the 
rough thickness strain adequately that may result in premature failure due to spikes in 
itigated by considering the post failure of the spot welds.          
This chapter has presented a complex analysis of stainless steel profiled panels that are 
subjected to blast loadings generated form hydrocarbon explosions. Such analysis is 
becoming increasingly important for safety assessment, particularly at the extreme end of 
loadings which are likely to cause large deformations, plasticity, instability and weld 
tearing. The deformation and failure response of the panels are discussed. Simple failure 
mod
Th
relation is obtained. Response of deep trough panels is essentially very d
some of the key findings from this study. 
 
(i) The spot weld and shear failure models are able to approximately describe the failure 
response of the blast walls qualitatively, and the strains and time of weld failure are 
conservatively predicted. The shear failure model is susceptible to strain localization at 
the connecting edge of the corrugation profile and care must be taken in interpreting the 
results. The spot weld model can help to
th
stresses. This problem can be m
 
(ii) Strain rate effects are able to improve the correlation of the numerical models with 
test results. In essence, the Cowper Symonds and enhancement model for accounting rate 
effects are presented. The range of validity and assumptions inherent to these two models 
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are discussed. The former model will always predict a stiffer response. Rate effects are 
closely related to the failure criterion adopted and it is demonstrated in some cases that 
unsafe prediction on failure can result.  This imply that as far as failure analysis is 
concerned, as well as establishing the ductility and energy dissipating capability of the 
blast wall system, an appropriate strain rate model must be adopted.   
 
(iii) Several informative sensitivity studies are also carried out. Sensitivity studies on the 
last response to load idealization have shown that this is not significant at low 
es that some of the possible governing 
riteria on a typical blast wall design. In essence, it is clear from this demonstration that 
b
overpressures but can be important at high ductility values. Similarly, mesh sensitivity 
studies has also presented the problem of strain concentration at the intersection between 
the corrugation fold lines and the supporting angles. The prospect of using dissipated 
energy criterion is highlighted since it is not dependent on mesh densities but can be 
sensitive to pressure time histories at higher load levels when failure occurs.     
 
(iv) The response of a deep trough corrugated panel can be adversely affected by 
relatively long duration of the pressure pulse that results in the susceptibility to buckling. 
The case study on the DTCB panel demonstrat
c
there still exists a clear gap in the design and analysis of efficient blast barriers in the 
industry.           
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4. PROFILED PANELS II: 
 DESIGN & NUMERICAL ASSESSMENT  
 
4.1 Background 
Illustrated in Chapter 3, the design of blast barriers under extreme loading levels can 
involve large plastic deformation, weld tearing and possible contact with adjacent plant 
or structural components. Many designs of existing barriers only consider low blast 
pressures of the order of 0.3 bar. Depending on the profiles and grades of the profiled 
 
 be in the elastic regime. However, a recent JIP for topside 
in a typical offshore 
 
ents of adequate ductility. As a result, most of the existing blast walls respond in 
panels, the response is likely to
structures [4.1] has shown overpressures of several bars are possible 
module. Little hard data exists for the design of profiled barriers particularly those 
involving large permanent deformations. This lack of information is mainly the results of 
difficulty in selecting an economical section of adequate depth while still fulfilling the
requirem
an elastic manner [4.2]. Although peak deflections will be lower, elastic design however 
will result in a relatively heavier section. Local effects such as buckling of the 
compression flange and web may govern the design as plastic flow is not permitted. 
Traditional design using simple beam theory and static analysis will give a deeper profile 
for a large design overpressures. This does not imply a corresponding increase in the 
energy dissipating capability. In fact, there is little scope for absorbing energy by 




Therefore, ing plastic 
d io  the blast wa . T se s tio  often have considerable residual strength 
above design value which can allow for future upgrade of sections if required. The 
governing factor for the design it that is 
onsiderations such as the amount of allowable damage 
 the blast wall as well as proximity to any critical equipment. Large rotation at the 
connections must also be accounted for by ensuring the connection details can provide 
the high rotational ductility.  
 
An accurate assessment on the structural response of the blast barrier is essential in 
satisfying the performance based blast resistant design with confidence. The concepts of 
strength level blast (SLB) and ductility level blast (DLB) are proposed in [4.3]. This is 
analogue to strength and ductility limits in earthquake resistant design.  DLB 
encompasses the concept of robustness which has not been adequately covered by current 
design guidance. As such, this study attempts to review the existing design 
methodologies, namely Technical Note 5 (TN5) using the SDOF method [4.2], by 
comparisons of th  nonlinear finite 
lement analysis (NLFEA). Uncertainties in blast response assessment for profiled 
 guidance will be addressed.  
atic and dynamic loadings. These barriers are made up of 
there are some economic and structural advantages in allow
eformat n of lls he ec ns
of plastic sections is often the ductility lim
dependent of the overall design c
to
e blast response of various profiled sections obtained by
e
barriers using the design
 
In essence, the study considers 3 different profiled barrier sections, distinguished by the 
depth of the sections, classified as either plastic, compact or slender section in accordance 
to TN5, and subjected to both st
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either Grade SS2205 or SS316 stainless steel, both of which are commonly used in the 
industry. The design overpressures and duration are selected so as to represent realistic 
values that results in either an elastic or plastic response of the blast barrier. Therefore the 
study attempt to cover a wide spectrum of design scenarios and hope that the material 
presented here can serve as an additional reference source for the design and analysis of 
stainless steel profiled blast wall subjected to typical hydrocarbon explosion, which is 
learly limited in the public domain. With this objective in mind, recommendations and 
uidelines in using NLFEA for blast wall assessment are discussed.  
 
4.2 Technical No
he SDOF method is particularly suitable for assessing the response of the profiled 
e range of span/40 to span/25. Larger deflection is permissible if 
c
g
te 5 (SDOF) 
T
barriers against blast loading as the blast walls can be conveniently idealised to a certain 
extent as a simple beam model where design charts are readily available [4.2, 4.4]. 
Through the use of transformation factors, the real system is converted to an equivalent 
system so that the displacement-time response of the two systems at a particular point of 
interest is similar. The design methodology of TN5 is briefly reviewed below. In 
particular, the limitations of SDOF for blast wall assessment are discussed.   
 
4.2.1 Design Basis 
The design guide (TN5) on the design of stainless steel blast walls is based on Eurocode 
3 Part 1.4. Since hydrocarbon explosion is a low probability event, load and material 
factors can be taken as unity, and large deflections are usually allowed. Recommended 
deflection limits are in th
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failure of the connections due to large rotations and in-plane movement, and premature 
local failure are prevented. The local effect of buckling and subsequent fold line at the 
mid span of the blast wall can limit the moment capacity of the section and cause gross 
rotation at the support connection and shortening of the span. The susceptibility of the 
section to local bucking is accounted for by slenderness limits. An effective width 
concept is employed to determine the effective area of the gross section. Except Class 1 
section with a ductility limit of 1.5, ductility of all other sections is limited to unity. 
 
The overall moment resistance of the blast wall may be governed by the local bucking 
effect, flattening of cross section and any local crushing forces that may be generated 
from large deflectio n their constitutive 
behaviour, the 0.2% proof stress is often tak n as the design yield stress. Enhanced yield 
 profiles where there is little scope for 
issipation of bending energy. TN5 does not address this particular issue although it is 
required that the shear force induced by the blast load must be less than either the plastic 
n. As stainless steel has no distinct yield point i
e
stress is permissible due to strain rate effects. Although most blast walls can be regarded 
as simply supported, possible end moments may be generated. The enhanced stiffness 
and resistance are accounted for by adopting the effecting length of the wall. Similarly, 
any rotation of the end supports will reduce the stiffness of the wall and a reduced 
stiffness should be used. 
 
The response of blast wall should be governed by bending rather than shear failure as the 
latter can result in brittle connection failure. Most blast walls have adequate shear 
resistance but can be critical in deep trough
d
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shear resistance or shear buckling resistance, whichever is the lesser. In addition, 
eedom Method (Biggs Method) 
transverse interactive effects of moments and axial stresses due to local forces are 
explicitly required by the TN5 to check for adequacy after these local stresses are 
determined by carrying out a local 1st order frame analysis. These local loading effects 
may reduce the material strength available to support longitudinal bending effects. A 
flow chart illustrating the proposed design procedures is reproduced from the technical 
note and is given in Appendix-4.     
 
4.2.2 Single Degree of Fr
The schematic diagram of idealizing the real system into an equivalent spring mass 
model, commonly known as the Biggs Method [4.4], is shown in Figure 4.1. 
 
 
Figure 4.1 Equivalent spring mass model 
 
The problem may then be formulated by means of the D’Alembert’s principle of dynamic 
equilibrium and the resulting equation of motion for an undamped linear elastic system is 
 
                                                  ( )eq eq eqM Y K Y F t+ =&&                                                     (4.1) 
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 where , , ( )eq eq eqM K F t are the equivalent mass, stiffness and load of the equivalent system 
obtained by applying transformation factors to the corresponding parameters in the real 
system. By assuming appropriate shape function for the real system and carrying out 
energy balance between the two systems, the transformation factors can be conveniently 
obtained. For a more general nonlinear elastic-plastic system, Equation 1 can be written 
as  
  
                                                 ( )LM mK MY R F t+ =&&                                                       (4.2) 
 
where KLM is the load mass transformation facto and Rm is the resistance function of the 
system. For some simple beam or one way slab problems with commonly encountered 
load time functions, the solutions for Equation 4.2 have been formulated in useful design 
harts for both elastic and elastic perfectly plastic systems [4.4, 4.5]. In particular, the 
that there is at best a single correspondence between the two systems. For most typical 
c
concept of ductility factors are introduced for the elastic plastic systems whereby damage 
is sometimes more appropriate to be assessed in terms of inelastic deformation rather 
than maximum deformation. 
 
4.2.3 General Limitations 
The accuracy of the SDOF method relies heavily on the representation of the real system 
with the equivalent system. In some cases, this idealization is not easy to accomplish such 
as complex connection details that can result in different support stiffnesses. Similarly, 
the method efficiency is limited by complex loading functions. It must be remembered 
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blast walls installations, membrane actions may not be significant due to the lack of axial 
restraints of the connection details. This however requires further investigations to 
quantify the effects of various connection details on the membrane effects. Further works 
re now being carried out by NORSOK [4.6] and FABIG [4.7, 4.8] to incorporate 
membrane effects into the SDOF method. For a simply supported blast barrier and based 
on effective span concept, TN5 allows for the reduction of panel stiffness due to rotation 
of supports.  
 
TN5 allows for strain rate effects by applying a blanket enhancement factor to the design 
yield strength based on average strain rate experienced by different class of sections for 
different response regime (elastic or plastic). The limitations of such approach and the 
rate effects on connection failure have been discussed in Chapter 3. In addition the 
minimum specified rupture strain is based on quasi-static uniaxial tensile tes  may 
be unc at are 
known to reduce the rupture strain for stainless steel. In Chapter 3, the predicted rupture 
strain of about 25% for SS316 panels is mu h lower than its minimum uniaxial rupture 
value of up to 40%.  
as not considered imperfections and higher frequency modes that 
an have significant effects on the response of the blast barrier especially for Class 4 
ns on the effect of imperfections 
a
t. This
onservative due to the presence of multi axial stresses and dynamic effects th
c
strain of 34% or tensile test 
 
The SDOF method h
c
sections subjected to higher load levels. Further discussio
are presented in a later section. It will also be clear later that the method generally is not a 
good predictive tool when severe plasticity is present. This is mainly the direct result of 
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using idealized resistance function which is either elastic or elastic perfectly plastic. A 
more elaborate approach in defining this function is clearly required. Finally, the present 
TN5, as in most static codes, provides only element design guidance and therefore does 
not give any information on the interactive effects of the components in the structural 
system.  In a series of tests on shallow profiled panels conducted by Caldwell [4.9], the 
web/flange ratio has been observed to influence the constrain in the flange-web 
intersection. This can affect the critical buckling strain especially for deep profiled 
section where premature instability to the web elements can occur.    
 
4.3 NLFEA for Stainless Steel Profiled Blast Walls  
onlinear finite element analysis (NLFEA) is probably the most accurate and versatile 
gh illustrations and examples, guidelines and 
recommendations of using NLFEA for blast wall assessment are given in this section.  
 
A typical blast wall section is shown in Figure 4.2 and the detailed geometrical 
e the corrugation behaviour. Here, the sections are assumed to be 
grade SS2205 or SS316 (see Figure 3.8) and -plane movement is allowed.  
N
method for blast wall assessment. Throu
characteristics are given in Table 4.1 where X is the longitudinal span and X/r is the 
slenderness of the section.  The three sections given in the table differ in their 
compactness with respect to depth, thickness and slope of the webs. S1, S2 and S3 
sections can be considered as deep, intermediate and shallow sections respectively and 
they are commonly used in offshore topsides. All sections are assumed to be simply 
supported at their ends by end plates whose thicknesses are chosen to ensure minimum 
distortion so as to isolat
in
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Table 4.1 Geometric characteristics of profiled blast wall sections 
Section 
 
t s h θ ْ l1 l2 l3 L X X/r l1/t s/t l3/t s/l3
S1 
 
11 639.8 554 60.0 200 320 240 1280 6000 29.4 18.2 58.2 21.8 2.7 
S2 
 
9 256.1 200 51.3 160 160 160 800 4000 51.3 17.8 28.5 17.8 1.6 
S3 2.5 60.2 45 48.4 62.5 40 45 250 2322 130.4 25.0 24.1 18.0 1.3 
 
Note: All length dimensions are in mm 
 
 
Figure 4.2 Typical profiled blast wall and cross section 
 
4.3.1 Mesh Sensitivity 
For efficiency and adequate accuracy, first order reduced integration shell elements are 
appropriate for general blast assessment purpose. Shell elements that are capable for both 
thick and thin shell applications involving large displacements and finite membrane 
strains are particularly suitable. 
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It has been illustrated that the strain fields at the connecting regions of the profiled 
barriers are highly sensitive to the mesh density. To ensure an adequate mesh density, the 
strain values at Gauss points are to remain relatively close to that obtained from the 
averaged nodal values [4.10]. Sub-modeling techniques [4.11] may be needed to drive the 
solution of a more detailed local weld failure model. Alternatively the solutions from the 




Figure 4.3 FE models for S1 panels (half corrugation) 
such as buckling which may otherwise dominate the response of the blast panels. A fine 
 
Inappropriate mesh systems can sometimes lead to the masking of other failure modes 
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mesh may also be needed to capture the onset and spread of plasticity more accurately. It 
is difficult to establish guidelines on the appropriate number of elements but prior 
experience on the investigation of blast response of corrugated panel indicates that 
approximately 3000 and 8000 first order shell elements may be appropriate for shallow 
and deep corrugated profiles respectively to obtain the global response of the panel with 
good accuracy (TN5 recommends 4000 to 8000 elements per corrugation without 
istinction to shallow or deep panels). In the absence of prior experience on similar 
udies should be carried out to determine a converged solution. 
3.5
d
systems, mesh sensitivity st
Figure 4.3 shows the FE models for the S1 section and their load displacement responses 


























Figure 4.4 Static response for S1 (SS2205) panel 
 
It is clear from Figure 4.4 that the peak load is not affected by the various FE schemes. 
However, the coarse mesh models (C1 and 3) do not predict any instability behaviour C
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while the fine mesh models (F1 and F3) pr dict different post buckling response. This 
simple sensitivity study illustrates that inappropriate mesh schemes can lead to the 
masking of failure modes such as buckling and the number of bays included in the model 
can affect on the predicted ductility of the structural system. In addition, at least 6-8 
elements are required across the width of the compression flange for the S1 section to 
capture the buckled profile. The Mises plots in Figure 4.5 illustrate the difference in the 




Figure 4.5 Contour plots for S1 (SS2205) one and three bay panel 
In addition, a retization of 
the finite element resulting in artificial wave reflections [4.12]. Where mesh density is 
especially at high ductility levels. Results from several finite 
mesh schemes are given in Appendix-5 to illu rate these points.   
 
brupt changes to the mesh densities will represent a poor disc
graded, there should be no great discrepancy between the sizes of adjacent elements, 
preferably limited to 2 as a general rule. In addition, the aspect ratio of the elements 
should be no greater than 2. Distorted elements can be excessively stiff and unreliable 




e used to advantage to conduct parametric studies to develop 
nt in the pressure profiles, where their magnitudes can be 
veral orders greater than the design overpressure, can also be assessed. Effects of such 
  
cessary to capture any buckling 
esponse that may dominate the response for Class 4 sections. Figure 4.6 illustrates the 
arious analytical procedures including prediction from TN5 for a stainless steel 
corrugated beam model using measured material data. The important point to take note is 
 Studies 
Finite element method can b
response envelopes for the blast barrier as demonstrated in Chapter 3. At extreme values 
of loading, the ductility values will become sensitive to the loading distribution. Where 
the actual pressure time profiles are available, they can be directly feed into the finite 
element analysis to provide a more realistic spatial and temporal load distribution. 
Sensitivity of any spikes prese
se
spikes will be addressed later in this Chapter.
 
4.3.3 Analytical Procedures 
Depending on the objectives of the study, several types of analysis can be performed. 
Static analysis is usually carried out to validate the finite element model with more 
accessible experimental results or elementary static calculations. If a quasi-static analysis 
was used to replace a dynamic analysis, then the kinetic energy must be small (say 10%) 
when compared to the internal energy for a valid solution. A linear dynamic analysis can 
also be carried out to extract the natural frequencies and its corresponding deformation 
modes for subsequent imperfection studies. Nonlinearities should be included in blast 
response assessment whenever possible. Material nonlinearity is needed to capture the 




the early nonlinear behaviour of stainless steel and the need to incorporate some form of 
stabilization to derive a full NLFEA solution. The types of stability functions used 
depend largely on its availability with the FE packages considered. For example, Riks 
algorithm, artificial viscous damping or by making use of dynamic analysis can be used 
to obtain a stable solution in ABAQUS [4.13]. 
 
Both the implicit and explicit codes are available in most commercial packages. Because 
computation in explicit is carried out element by element level, nonlinearities arising 
from contact (see Chapter 5) and tearing (see Chapter 3) can be handled in a simple 
manner [4.13]. accounting for 
local buckling effects due to the inherent stabilising influence of the inertia which is built 
into the e  loading 
such as transverse or in-plane loads [4.14]. How r, this d  not imply that the correct 
buckling m uced d  lack of initial distortions.  Implicit schemes on 
their own are not capable of ing the sudden dr  the load displacement 
relationshi orms zing algorithms are incorporated as illustrated in 
Figure 4.6 ot reco the use of implicit scheme for the assessment of 
blast wall. 
 
Explicit scheme has the added benefit of automatically 
lements. This is not universally agreeable and depends on the form of
eve oes
ode is reprod ue to the
 captur op in
p unless some f































4.3.4.1 Horizontal edges longitudinal in-plane restraint  
ection where the pane
extended from the flange of a support girder (see Figure 4.2), the assumption of simply 
support condition may suffice. However, ca eds to be taken in modeling the end 
io  details as this can affect the degree of mobilisation of the membrane effects. 
n under prediction of the membrane effects can over predict the response of the blast 
panel and unsafe predictions of the reaction forces, while an over prediction can prevent 
Figure 4.6 Types of FE analyses for blast response assessment (S1 SS2205) 
 
 
4.3.4 Boundary Conditions 
There are in general three boundary regions of a typical profiled blast wall that need 
particular attention.   





the onset of buckling. l response for most blast barriers will behave somewhere 
between the two different conditions since significant mobilisation of the membrane 
rces are unlikely in typical connection details but at the same time in-plane movemen
The actua
fo t 
is limited partly due to the bending stiffness of the end plates. It is proposed that adequate 
details beyond the blast panel should be provided so that a more representative of 
restraint and stiffness conditions can be modeled.  
 



























Figure 4.7 Effects of restraints along outer corrugations for S1 panel 
 
It has been illustrated above that the 3-bay model is able to give a representative full 
response of the blast barrier. Symmetry planes have been imposed perpendicularly along 
the vertical edges of the outer corrugations in the model. A typical blast wall in the 
offshore topside can run up to several metres in the transverse direction of the 
corrugations and thus the assumed boundary conditions may no longer be valid as the 
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degree of restraint along these edges may be differen Figure 4.7 shows the influence of 




Figure 4.8 Contour plots for S1 (restrained and unrestrained) panels 
 
The restrained conditions have under estimated the capacity of both the SS2205 and 
SS316 sections ain relatively 
unaffected. The failure of the unrestrained SS316 panel is gradual and remains relatively 
ductile after the ultimate load is reached. Thus it is conservative to assume symmetry 
conditions along these boundary edges as the actual degree of restrain is often difficult to 
 although the maximum deflections at peak load rem
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assess.  Mises plots for the above models are given in Figure 4.8. There is no noticeable 
change in the failure behaviour for the SS2205 barriers and therefore only slig t 
differences noted in the load displacement plots in Figure 4.7. For the SS316 panel, the 
deformed shapes of the centre corrugation do not differ greatly. However, apart from 
more extensive plasticity, the t
h
rough failure of the end corrugations is not observed for 
e unrestrained condition which explains the considerable reserve capacity and gradual 
unloading after peak load as shown in Figure 4.7. It is worthwhile to note that the effect 
of this boundary condition is also dependent on the ratio of length and overall width 
[4.16].  
 
4.3.4.3 Full and half corrugated model 
This boundary condition is concerned with the possibility of asymmetric buckling modes 
that cannot be captured by the symmetric half model. Figure 4.7 includes the load 
deflection plot for the full panel model shown in Figure 4.9. The predicted peak load and 
corresponding maximum deflection are not affected by the modeling assumptions. 
owever, distinct differences are observed for the slope of the unloading curves resulted 
 4.9 and Figure 4.8A). For the full 
th
H
from the different buckling modes (compare Figure
panel, flange and web buckling have occurred for all the 3 bays which explain why its 
post peak response falls in a more rapid manner resulting into a lower residual strength.  
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 Figure 4.9 Contour plots for S1 (SS2205) full panel 
 
4.3.5 Imperfections 
Due to possibility of bucking of the section profile, imperfections may be required for the 
finite element model. Since the fundamental modes and imperfections are usually 
unclear, it is recommended in TN5 to study the effect of imperfections in a sensitivity 
tudy from a NLFEA. An element size of less than 1/6 to 1/8 of the local buckling length 
coupon test certificates often report yield strength that is 10-20% higher than minimum 
s
is proposed by the technical note. Effects of initial imperfection will be discussed in 
greater details in latter section. It is worth noting that in a particular analysis of a S1 panel 
without any imperfection, different buckling modes are obtained when different version 
of the same FE package is used (refer Appendix-6).   
 
4.3.6 Material Idealization 
The constitutive relationship of the material and rate effects have a direct and significant 
influence on the response and subsequent failure modes of the blast barrier. For example, 
 97
guaranteed values, and also report upper yield strength for carbon steel where really it is 
the lower yield strength which is of interest in inelastic analysis.  TN5 recommends the 
se of actual stress strain curve material model if available, or otherwise an appropriate 
idealized stress stra  possess behaviour 
 tic [4.17], elastic tly plastic or linear hardening post yield response up 
te stress. A mo tress strain urve for ainless steel can be obtained 
by the modified Ramberg and Osgood for ulation [4.18] given below.  
 
             
u
in curve. Traditionally, steels have been assumed to
of rigid plas perfec
to ultima   re realistic s  c st
m
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nonlinear response of the ma  a tra el co s n
e shown in Figure 4.10. The 
=  a  n, m  5, 2.5 spective  Equatio  4.3 des ribes a 
terial t all s in lev s and a ntinuou reductio  in the 
plastic modulus with increasing straining. However, nonlinearity is significant only after 
.2% proof stress. The effects of the strain hardening ar0
elastic perfectly plastic model under predicts the static capacity by approximately 5% and 
the ductility before instability by 100%. The modified Ramberg and Osgood formulation 






Figure 4.10 Effects of material models for S1 (SS2205) panel 
 
The effects of strain rates are discussed in Chapter 3 and its influence on a S1 section 
subjected to 2 bars overpressure is typically shown in Figure 4.11. The effects are 
minimal for the load considered here due to the relatively small strain rate at the middle 
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Figure 4.11: Effects of strain rate for S1 (SS 2205) panel 
Rate)
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4.3.7 Other Considerations 
Preloads must be considered if present. It m
the structures, heavy machineries, or equipments supported by floor decks, or residual 
ng welding and fabrication. Any services running through the 
ximum capacities and deflections of 
e derived. Their geometric characteristics 
e geometric limits for the application of 
2 2
ay include loadings exerted by other parts of 
stresses introduced duri
blast wall can promote stress concentration and the presence of in-plane static loads can 
result in lower buckling load. 
 
4.4 Design and Analysis (Static Response) 
In accordance to the design guidance of TN5, the ma
the 3 profiled panel showed in Figure 4.12 ar
given in Table 4.1 and Figure 4.2 satisfy th
methodologies outlined in TN5. All panels are assumed to be simply supported at both 
ends by rectangular plates of various thickness (20, 20 and 6mm for S1, S2 and S3 
sections respectively). They have a 0.2% proof stress of 460 N/mm  and 220 N/mm  for 
grades of SS2205 and SS316 respectively. Strain rate enhancement factors for the design 
strength are obtained from the technical note. Their slenderness limits and corresponding 
classifications are summarized in Table 4.2, together with their ductility limits given by 
TN5. In addition the checks of these criteria given by the static code for stainless steel 




 Figure 4.12 FE models for S1, S2 and S3 profiled panels 
 
Table 4.2 Slenderness limits (compression flange) and ductility limits 
 S1 S2 S3 
SS2205 17.1 Plastic Limit 
(TN5) SS316 24.7 
SS2205 16.7 Plastic Limit 
(SCI-P291) SS316 24.2 
SS2205 Slender Compact Compact Classifi
(TN5) SS316 Plastic Plastic Plastic 
cation 
SS2205 1.0 1.0 1.0 Ductility Limit 
(TN5) SS316 1.5 1.5 1.5 
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Interestingly, TN5 has slightly less stringent criteria which do not reflect the need to have 
more stringent slenderness limits due to a higher ductility demand caused possibly by 
dynamic loading and inelastic response. The S1 SS2205 section is classified as Class 4 
slender section and thus explicit provisions for reduced effective section will need to be 
considered when determining the resistance of the section. Further checks as stipulated in 
the technical guide have however shown that its full section is effective. With lower yield 
strength, all SS316 sections are classified as Class 1 plastic. 
 
4.4.1 Reduction Factors 
The static capacity and its corresponding maximum deflection for the profiled blast walls 
are established by using elementary linear static calculations based on a beam model. The 
following approaches, analogous to those given by TN5, provide some simplifications in 
deriving the static capacity and the maximum response by taking account of support 
fixity, transverse stresses effects and reduction of stiffness. The static capacity per unit 
area and its corresponding maximum deflection can be estimated as 






8p z= ⋅ ⋅                                                        (4.4) 
 
                                             
2
48S K
p zX5 y E F Cf fY
EI f
⋅= ⋅ ⋅                                                    (4.5) 
 
where  
reduction factor for flattening of cross section











The determination of  and F Cf f  requires a first order frame analysis of the sections. This 
is rather cumbersome for a supposedly simp ied method. Figure 4.13 shows the plot of lif
Ff  with respect to the ratio of relative total local flanges deflection and depth of section.  
 
 
Figure 4.13 Reduction factor for flattening of cross section 
 
It is clear that the equation for Ff  given in the figure is not sensitive to the fact that the 
degree of flattening is also dependent on the θ and the stiffness of the inclined web 
member. For example, flattening is still possible with small θ while these local 
deflections remain negligible. In addition, Yt for S2 is found to be mainly due to the 
complex deformation mode (e.g. torsional with side sway of the web) and not the 
flattening o ction 
actors. Nevertheless, the figure also illustrates that reduction is usually small for the 
f the section.  S2 and S3 sections have approximately similar redu
f
practical range of the abscissa values, especially for the S1 section.  
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The reduction factor for transverse stress effects Cf  is obtained by considering the 
moment distribution of the entire cross section due to the presence of external forces 
cause by the blast load and internal forces caused by the out of plane components of the 
longitudinal bending stress. It depends on the sum of absolute values for the end and 
sagging moments of the compression flange assumed to be rigidly fixed at its ends. For 
the purpose of deriving the factor Cf  for Equation 4.4 and 4.5, it is simpler to assume that 
the compression flange is simply supported at its ends by the webs and loaded by the 
external and internal forces as shown in Figure 4.14. This assumption is valid as long as 
oment at flange mid span remains sagging. This is the case since the blast loading 
on the web and fl or the 3 sections 
conside .  
 
the m
anges are of the same magnitude and has been verified f
red here
 
Figure 4.14 Reduction factor for transverse stress effects 
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The factor Kf is included to take account of the fact that for most blast barriers 
connections, some rotation at the supports will occur and result in the loss of some initial 
stiffness K . Assuming similar top and bottom connection for the blast barrier the 
simplified relationship of Kf  and effective length is shown in Figure 4.15.  The influence 
of these factors will be discussed next. 
 
1.0







          
=    fL / (1.6 - 0.6 fL)fK




Figure 4.15: Reduction factor for stiffness due to end rotation 
 
4.4.2 Peak Static Capacity and Maximum Response 
Table 4.3 gives the capacity and its corresponding deflection response for the 3 sections 
considered here. The transverse stress effects
fL = XE / X
 f K
 
( )Cf are negligible for all sections although 
crushing forces become rela vely greater than the external forces. This is because 
moment caused by the peak external forces is rapidly diminishing for smaller l
they can be increasingly relatively significant for smaller sections when the internal 
ti
3 and the 
internal force (function of the longitudinal force and curvature) increases relatively 
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rapidly for smaller distance between the compression flange and the neutral axis of the 
section. The flattening ( )Ff of the section is insignificant for the S1 sections as expected. 
The stiffness reduction factor ( )Kf is quite significant for the S3 SS316 section due to a 
smaller effective leng that is obtained by consideration of the moment capacity of 
 are 
ed to develop plastic moment for the compact sections and exhibit ductile 
haracteristics for the plastic sections. Significant different responses have been obtained 
 the 2 boundary conditions in the FE analyses.  
of the barrier before significant tensile forces can be mobilized, after which there is an 
apparent increase of stiffness. In contrast, rotation of the end plates is not as severe for 
th ( )E
the end plates and the barrier.  
 
Static capacity for the S1 SS2205 section correlates very well with the FE prediction at 
0.2% proof stress. There is a discrepancy in the displacement prediction since in TN5 
yield is assumed to commence at 0.2% proof stress but yielding is in fact slowly building 
up from the 0.1% proof stress (see Figure 4.6). The comparison of the remaining sections 






The load displacement plots for these sections are shown in Figure 4.16.   It is clear that 
the restrained boundary condition has resulted in a higher initial stiffness for all sections 
and different peak values. In some cases higher peak pressures are predicted by the no in-
plane restrained condition for certain displacement range. This is evident for the plots of 
S2(R) and S3(R) sections before the activation of membrane action, since prior to this, 
there will be significant rotation of the end plates that cause the reduction in the capacity 
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the no in-plane restrained condition as this is compensated for the shortening of the 
barrier due to in-plane movement.  
 
Table 4.3 Static capacity and maximum response* 
rade S TN5        NLFEA G











































S1 1.00 1.00 0.98 1.50 17.9 1.21 
(1.29) 
 
32.3 1.60 145.9 
(28.4) (1.65) (72.7) 





















* Values in bracket are for in-plane restrained condition
membrane action where there is an absence of plastic limit
 and those with superscript # refer to onset of 
 points.  
 
nd the capacity is under predicted for the slender section (i.e. S1 SS2205). Most 
importantly, the predictions for the compact and plastic sections are not conservative, 
particularly for the S2  S3 section has been 
over predicted by 10% and 22% for SS2205 and SS316 respectively. This is the direct 
result of the use of plastic section modulus in the determination for plastic and compact 
 
The stiffness predicted by TN5 lies somewhere between these two boundary conditions
a
 and S3 sections. The peak capacity for the
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sections of the plastic mo nt capacity (see Equation 4.4 and 4.5) in an assumingly 
linear elastic fashion. From the observation of stainless steel behaviour, non-linearity 
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Figure 4.16 Load displacement response 
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Table 4.4 Comparison of reserve capacity and ductility upon yield stress 
Grade Section 0.2/PDLP P  0.2/PDLY Y  
S1 1.23 1.83       
S2 1.36 5.57 
 
SS2205 
S3 1.42 3.10 
S1 1.31 4.24 
S2 1.52 10.1 
 
SS316 
S3 1.42 4.39 
 
 
4.4.3 Reserve Capacity 
The reserve capacity defined as and ductility defined as are given in 
Table 4.4 below. It is ob pacity beyond the 0.2% 
 stress and the ductility ratio for all sections is much higher than the limits given in 
en for the slender section (S1 SS2205). As far as 
0.2/PDLP P  0.2/PDLY Y  
vious that there is considerable reserve ca
proof
PDLPTable 4.2. This is true ev  is 
ected to sever
local failures modes can be identified as local bulging of the compression flange, flange 
concerned, TN5 can be rather conservative for plastic sections.  
 
4.4.4 Deformation of Sections 
The deformed sectional profiles near mid span of the SS2205 and SS316 panels are 
shown in Figure 4.17. All S1 sections are subj e local buckling irrespective 
of their classification. However, buckling for the SS316 sections that are classified as 
plastic only occurs after substantial inelastic deformation as shown in Figure 4.16.  These 
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failure, web failure, trough failure and as well as the torsional side sway failure that is 
apparent for the S1 SS316 section. This failure mode has yet to be identified in the TN5 
nd it is still unclear what has triggered this complex failure mode although its lower 
iffness compared to SS2205 panel and high s/t ratio must play a part. It is evident that 
ere are much higher local crushing forces at the mid span of the span due to in-plane 
movement resulting in this, the cross section 






 very high localized curvatures.  Because of 
 sections un estrained condition 
 
 
u 7 n fo n e nt
 





Figure 4.17 Sectional deformation profiles (cont’d) 
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 Figure 4.17 Sectional deformation profiles  
 
4.4.5 Initial Imperfections 
Initial imperfection can be of initial distortion and residual stresses resulting from the 
fabrication or welding process. The effect of imperfection is a function of modes of 
imperfection and its amplitude that is often related to the fundamental mode shapes in 
practice. Due to the relatively complex geometry and loading for a profiled blast panel, it 
is usually unclear which modes of imperfection are governing the response. The first ten 
fundamental modes shapes for S1 (SS2205) panel with the corresponding natural 
frequencies are given in Appendix-7 where the mode shapes for half panels are also 
included to illustrate the  panels. However, it is  differences from the mode shapes of full
observed that the global response up to plastic limit point is found to be relatively 
independent of the model’s initial imperfections. For most typical offshore structures, the 









3/ (0.05  0.15)Y t to
⎡ ⎤
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The second term in the RHS of Equation 4.6 may be considered as the sle
                                            (4.6) 
nderness 
arameter of the flange or web. Taking S1 SS2205 section as an example, this term is 
4.18 shows the response of the imperfect barriers for the first 3 
3.5
p
approximately 1.1. Figure 
fundamental mode shapes which are indicated in the figure. The proximity of the natural 
periods shown in the brackets also indicates the imperfection sensitivity of the blast 
barrier. Note that the degree of imperfection has the effects of smoothening out the 























 Mode 1 (15%)
 Mode 1 (5%)
 Mode 2 (5%)
 Mode 3 (5%)
 
Figure 4.18 Effects of initial imperfection for S1 SS2205 panel (static) 
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Table 4.5 gives a summary of the responses in terms of those from a perfect barrier. It is 
noted that the global stiffness and peak loads are barely affected by the range of 
imperfections considered. A more significant effect is on the residual strength where only 
approximately 50% of the perfect barrier can be obtained for the Mode 2 case. This is 
mainly due to the more severe instability behaviour characterized as bulging of 
compression flange, web buckling and under more severe loading the torsional coupled 
with trough buckling mode of the outer corrugated bays (see Figure 4.17 and Appendix-
7). Local buckling with wavelength of 240 -360 mm in the longitudinal direction at the 
centre of the middle bay is about 1-1.5 times the compression width and can be captured 
accurat
 
Table 4.5 Response of imperfect barriers (S1 SS2205) 
Mode Yo/t λ/l3 Y/t Kr r Rr Post Failure Response 
ely by 6-9 elements in the model.    
P
 0.05 1.0 6.8 1.0 0.96 0.74 Sudden 
1 0.10 1.0 6.6 1.0 0.96 Gradual 0.96 
 0.15 1.0 6.6 1.0 0.96 0.96 Gradual 
 0.05 1.5 6.6 1.0 0.96 0.52 Sudden  
2 0.10 1.5 6.5 1.0 0.96 0.52 Sudden 
 0.15 1.5 6.3 1.0 0.95 0.52 Sudden 
 0.05 1.0 8.1 1.0 1.00 1.00 Gradual 
3 0.10 1.0 8.1 1.0 1.00 1.00 Gradual 
 0.15 1.0 8.1 1.0 1.00 1.00 Gradual 
 
 114
4.4.6 Comparison of S1, S2 and S3 Sections 
The load displacement response of the S1, S2 and S3 sections for SS2205, characterized 
as deep, intermediate and shallow sections, is reproduced from above and show in Figure 
.19. The S1 section has a brittle behaviour and is imperfection sensitive. The initial 4
stiffness of S3 section is relatively low and continues to deform indefinitely in the post 
peak phase after reaching the peak load. This ductile response is somewhat expected due 
to its low s/l3, l3/t and s/t ratios. Past study [4.16] showed that instability becomes critical 
when s/l3 is above 1.51 for a corrugated flooring system where only the flange is 
transversely loaded. This correlates approximately in the present study.  
 
 
Figure 4.19 Comparison of S1, S2 and S3 sections (SS2205) 
 
The response of the various sections is also governed by the global parameter of X/r.  For 
low slenderness ratio, shear effects may become important and shear buckling of the web 
may occur resulting in the S3 section seriously flattened at the end of the analysis. The S2 
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section offers an excellent compromise between the S1 and S3 sections where its initial 
stiffness is comparable to that from S1 and undergoes substantial ductile response into 
the post peak region before instability occurs. Therefore, the S2 section has a higher 
dissipated energy capability than the other two sections. For a plastic section of equal 
flanges, the moment capacity is given by 
3(2 ) / 2C yM p tH l s= + [4.9]. The strain energy can 
then be obtained by  where is the ratio of the distance from the 
extreme fibre to the neutral axis and the depth of the section. This suggests that 
increasing the depth of the section will not make any significant improvement to the 
energy dissipating capability of the barrier when compared to the increase in the bending 
capacity. Dynamic shear forces can also be v  high for deep sections resulting in brittle 
connection failure es
3. (2 ) / 2yS E p t l s f dXε= +∫ f
ery
pecially for short duration pulse load [4.17]. 
 
Equally important is that both the S2 and S3 sections are not imperfection sensitive. If the 
membrane action of the S2 and S3 sections can be properly utilized without 
compromising the integrity of the connections, they are very efficient form of energy 
dissipating barriers. However, there is a possibility that the rupture strain of the S3 
section will be exceeded and their use may be limited to very low design overpressures. 
This study indicates that for relatively deep section, local stability may be the governing 
response for the blast barrier, whereas for relatively shallow section, slenderness ratio of 





4.4.7 Comparison of SS2205 and SS316 Panels 
With reference from Figures 4.16 – 4.17 and Tables 4.3 – 4.4, the response for the S1 
SS2205 section is much stiffer than the S1 SS316 section before the plastic deflection 
limit, after which a relatively more brittle form of failure is observed. The S1 SS316 
section develops a more gradual loss of stiffness until an ultimate load is reached. 
Although there is a sudden drop in capacity after substantial deformation, the residual 
response is still somewhat stable partly because of its superior strain hardening 
haracteristic. The load deformation characteristics of the rest of the sections are similar 
ith no imminent instability behaviour.  
c
where they exhibit considerable ductility w
 
SS316 panels are superior in their energy dissipating capability when compared to the 
SS2205 panels, and is a more economical material choice for blast barrier subjected to 
ductility level blast provided their capacities are adequate against the design load. This 
capability is important as it allows the dissipation of local forces and thus reduce the 
possibility of local instability, and at the same time reduce the amount of impulse 
transferred to the support systems. Plastic yielding can also help to dampen out the elastic 
natural vibration that can be critical in congested offshore topsides. Note that the benefits 
of the plastic dissipated energy for the S1 SS2205 slender section before peak load cannot 
be gained under the current guidance of the TN5. A considerable heavier section will thus 





4.5 Design and Analysis (Dynamic Response) 
The approach given in Section 4.4 can be easily extended to predict the maximum 
dynamic response of a blast panel subjected to pressure loading as shown in Figure 4.20. 
 












Figure 4.20 Typical design pressure profile 
 
The design yield strength yp  is now replaced by 
*
yp  in Equation 4.4 and 4.5 to take 
account of the strain rate effects and the in  is provided for by the 
Dynamic Load Factor (DLF). For plastic response, the concept of ductility factor
ertia of the system
µ  is 
adopted where it is multiplied to the right hand side of Equation 4.5 to obtain the plastic 
deformation. They are given as follows: 
 






= ⋅ ⋅                                                       (4.7) 
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M                                                      (4.8) 
* 25 y EP F C
K
p zX f fY
48M EI f
µ⋅= ⋅ ⋅ ⋅                                                 (4.9) 
 
MR  is the maximum resistance of the system and ,
E P
M MY Y  are the maximum displacements 
in the elastic and plastic response regime. The Dynamic Load Factor EDLF  is given in 
the elastic response regime and is a function of /dt T . The ductility factor is a function of 






=                                                      (4.10)                                                          
 
For blast barriers which can be idealized as a SDOF system, design charts and tables are 
available [4.2, 4.4, 4.5] to obtain the maximum dynamic response for the idealized 
system which is assumed to possess certain resistance function subjected to various 
idealized forms of blast loadings. Some typical resistance functions are shown in Figure 
4.21. The idealized elastic perfectly plastic function without taking account of the 
formation of intermediate hinges and possible stiffening of the barrier due to membrane 
action is most common and will be adopted here since their design charts are readily 
available. 
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 Figure 4.21 Typical resistance functions 
 
4.5.1 Maximum Response 
In accordance to the procedures outlined in TN5 and making use of Equation 4.7-4.10, 
typical maximum response of the S1 section for SS316 and SS2205 are shown in Table 
4.6. In view of the range of values of the factors Ff  and Cf  given in Table 4.3, the value 
of the combined factor is conservatively taken as 0.9. Only in-plane restrained condition 
is considered here. Note that load durations dt  below 50ms are in the dynamic regime 
while the rest are in the quasi-static regime (The natural period T for the S1 barrier is 
approximately 22 ms). For ductility ratio greater than unity, TN5 generally does not 
permit plastic response for the S1 SS2205 section. It must be mentioned that no buckling 





Table 4.6A Dynamic response for S1 SS316 
Loadings Dynamic Analysis 
TN5 NLFEA (R) MAXF  
(bar) 
dt  










0.5 30 17.4 0.44 7.7 - - 7.5 
0.5 40 17.4 0.37 6.4 - - 5.9 
0.5 50 17.4 0.34 6.0 - - 5.3 
0.5 100 17.4 0.36 6.3 - - 5.7 
0.5 150 17.4 0.34 6.0 - - 5.7 
1.5 30 17.4 1.80 31.3 24.2 1.75 42.4 
1.5 40 17.4 1.25 21.7 24.2 1.67 40.4 
1.5 50 17.4 1.12 19.5 24.7 1.53 37.7 
1.5 100 17.4 1.25 21.7 28.4 1.48 41.9 
1.5 150 17.4 1.10 19.1 24.8 1.53 38.0 
                          
There is good correlation between the NLFEA and the TN5 predictions for the case of 2 
bars and 0.5 bar for SS2205 and SS316 respectively. Duration of loading has little effect 
on the response in the quasi-static regime while in the dynamic regime the sensitivity of 
becomes obvious. The highest response is obtained for thedt  30  ( / 1)d dt ms t T= ≈ case 
since the ductility factor is higher in this region when R F ≥ . At higher loads 
 
/ 1.0M MAX
level, the maximum response will generally increase with the /dt T  ratio.  
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Table 4.6B Dynamic response for S1 SS2205 
Loadings Dynamic Analysis 
TN5 NLFEA (R) MAXF  
(bar) 
dt  










2 30 26.5 1.37 36.4 - - 38.7 
2 40 26.5 0.95 25.3 - - 32.4 
2 50 26.5 0.89 23.5 - - 28.6 
2 100 26.5 0.94 25.0 - - 29.3 
2 150 26.5 0.89 23.5 - - 28.8 
3 30 26.5 4.50 119.2 40.1 1.85 74.0 
3 40 26.5 4.60 121.8 40.0 1.67 66.6 
3 50 26.5 5.00 132.4 40.3 1.48 59.8 
3 100 26.5 9.98 264.5 40.5 1.42 57.7 
3 150 26.5 20.48 542.7 41.0 1.38 56.4 
 
When overpressures exceed the static capacity at yield stress, the responses of SS2205 
predicted by the SDOF method become excessively large when compared to the NLFEA. 
his behaviour can be explained by the design charts of an undamped elastic perfectly 
plastic system developed by the SDOF method. At low 
T
/M MAXR F  
to grow exponentially with the 
ratio, the response is 
generally unbounded and has the tendency t T  ratio. 
models, membrane effects and strain hardening. In contrast, for the SS316 section, SDOF 
/d
Other factors that contribute to the discrepancies include the inherent damping in the FE 
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under predicts the response for the 1.5 bars load cases as plastic deformation is still not 
extensive.   
 
4.5.2 Dynamic and Static Response 
bility occurs at a relatively higher pressure load than in the static case (see 
lso Section 4.5.3).  The figure also indicates that for shallow sections such as S3, 
35
50
The load displacement plots for the dynamic and static case are shown in Figure 4.22. For 
most cases of profiled blast walls subjected to hydrocarbon explosions where /dt T  is 
usually large, the maximum dynamic displacement response can be approximated by 
nonlinear static analysis, provided any premature failure can be prevented. However, it is 
clear that this prediction can be unconservative. The plots for the S1 section shows that 
dynamic insta
a
increasing the pressure duration reduces the response while for the deep section such as 
















 S1 (Static) (50ms) (100ms) (150ms)
 S2 (Static) (50ms) (100ms) (150ms)
 S3 (Static) (50ms) (100ms) (150ms)
 
Figure 4.22 Dynamic and static response 
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The effect of strain r 4.11. Although the 
effects are minimal, the highest strain rate obtained from NLFEA for the 2 bars and 3 
e approximately 0.33 s-1 and 1.3 s-1 respectively which are very much 
 dynamic response to initial imperfection for S1 SS2205 is shown in 
igure 4.23. For the dynamic case, buckling of the panel does not occur until 3.5 bars for 
ate is shown typically for S1 SS2205 in Figure 
bars load cases ar
higher than the typical initial strain rate of 0.02 s-1 for a Class 4 section as recommended 
in TN5.  These given typical strain rates are independent of the magnitude and duration 
of the loading.  The resulting discrepancy may be translated as an under prediction of the 
design yield strength of about 5% which may not have any significance although local 
responses at the connecting regions must be checked with strain rate inclusion.   
 
4.5.3 Initial Imperfection 
The sensitivity of
F
a relatively long duration (see Figure 4.22). This shows that buckling and imperfection 
are less susceptible to rapid dynamic loading, in particular for low overpressures with 
short duration. From Figure 4.23, Mode 1 imperfection has resulted in a greater response 
with the effects more pronounce for the 150 ms duration load. The effect of increasing 
imperfections has no significant effects but to dampen the residual response and 
imperfection sensitivity increase with increasing peak load and duration. In general, the 
buckling shapes shown in Figure 4.24 are not very different from the static case as shown 
in Figure 4.17 although comparison of Figure 4.18 and Figure 4.23 indicates that the 
dominant mode of response is different.  
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14 Panel: S1 SS2205





 50 ms  
t
 Perfect
             Mode 1 (5%) 
             Mode 2 (5%)
100 ms  Perfect
             Mode 1 (5%) 
             Mode 2 (5%) 
             Mode 2 (15% )
150 ms  Perfect
             Mode 1 (5%) 
             Mode 2 (5%) 
             Mode 2 (15% )
 









4.5.4 Limitations of SDOF and the Resistance Function 
The limitations of TN5 and the SDOF method have been discussed in Section 4.2.3 and 
verified in Section 4.4 and 4.5. Some discrepancies have been observed and in some 
cases unsafe predictions are obtained as noted above. This is mainly the result of 
idealized resistance function (elastic or elastic perfectly plastic) that no longer holds for 
the nonlinear behaviour, including strain hardening and membrane effects that can be as 
high as 35% of the initial stiffness for the S2 sections. The use of the idealized function 
implicitly assumes that there is a sudden change in the dynamic characteristic and 
formation of the discrete plastic hinges imply that deformation will become unbounded. 
This can result in unconservative dynamic reactions calculated from the SDOF method 
ue to the different extent of plastic deformation along the barrier. 
milar deformed shapes of 
e barriers when subjected to both static and dynamic loadings. Such static resistance 
igure 4.16. Some selected results are shown 
d
 
Nevertheless, the SDOF design charts are still of immense value in the initial design 
stage as long as the ductility level remains low. If it is assumed that the dynamic 
resistance of the blast barrier can be represented by its corresponding static resistance, the 
uncertainties in the geometrical and material effects can be minimized in the SDOF 
method. This is indeed a valid assumption judged from the si
th
function can be conveniently obtained from F
in Figure 4.25 below where the time domain response is obtained by the constant-velocity 
time stepping algorithm [4.4] and the time increment is made at least less than hundredth 
of the natural period of the barrier. Unloading is assumed to occur at a stiffness 
equivalent to the average of the initial stiffness up to 0.2% proof stress. This procedure is 
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extremely useful since in the initial design stage where the design loading is usually 
unknown, one only needs to derive the static resistance curve once, after which the SDOF 
method can be used conveniently to obtain fast prediction of various design loading 
scenarios.    








*  FE Static Resistance Function
** W ith Rate Effects (1.05)
Panel: S1 SS2205






T im e (m s)
(A) S1 SS2205
 FE (2 bar)
 Biggs (2 bar)
 Biggs* (2 bar)
 FE (3 bar)
 Biggs (3 bar)
 Biggs* (3 bar)
 Biggs** (3 bar)
 









*  FE Static Resistance Function
** W ith Rate Effects (1.10)
Panel: S2 SS2205








 FE (2 bar)
 Biggs (2 bar)
 Biggs* (2 bar)
 Biggs** (2 bar)
 FE (3 bar)
 Biggs (3 bar)
 Biggs* (3 bar)
 Biggs** (3 bar)
Figure 4.25  SDOF and FE response for SS2205 
 
 127
The overpressures of 2 bars and 3 bars are selected so as to induce little and extensive 
inelastic de  functions 
is not capable of predicting a close enough a proximation to the NLFEA results for the 3 
When these functions are replaced by the FE static resistance curves, 
tion. To account for 
ynamic effects, the FE static resistance functions are enhanced by some suitable rate 
ulting peak loads are now very well predicted for all cases. The residual 
ypical pressure traces generated from a hydrocarbon explosion is almost always not 
smooth in nature and exhibit characteristics of spikes which can be several orders greater 
formation respectively. The SDOF method with idealized resistance
p
bars load case. 
substantial improvements are observed for the 2 bars load case where deformation and 
plasticity are still limited. Obviously, some discrepancies still exist for the 3 bars load 
case and the improved Biggs model tends to give a higher predic
d
factors. The res
deformations are slightly under predicted as expected due to the use of blanket enhanced 
factor to the resistance curve. For illustration purposes, blanket rate factors of 1.05 and 
1.10 are used for the S1and S2 sections respectively.  More detailed enhanced factors can 
be used to take account of the fact that strain rate effects diminishes with increasing strain 
(see Chapter 3), which will improve the residual deflections. It is interesting to note that 
if the resistance curves shown in Figure 4.16 are idealized as bi linear (or tri linear if 
membrane effects are considered) curves by preserving the strain energy of the system, 
only little improvements are made. This has also been noted in [4.6] and shows the 
importance of representing the resistance function with the actual load deformation 
characteristic of the system.   
 
4.5.5 Effects of Spikes in Pressure Pulses  
T
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the average pressure but typically less than 1ms as shown in Figure 4.26. These spikes 
are due to complex combustion process and the congestion in topsides that results in the 
development of turbulence and reflected pressures. Four idealizations of the pressure 
traces as shown in Figure 4.26 will be investigated. P1 is constructed based on the 
average peak stress of 1.5 bars with both the rise time and decay time profiles intersecting 
the actual pressure trace at 10% peak. P2 is the more commonly adopted pressure profile 
with equal rise and decay times. Both idealizations can also be extended to include the 
negative pressure time profiles ) respectively. In addition, the 
raw test data is smoothed by running average of raw data over 0.001s, a method 
commonly used in the post processing of experimental data to obtain a more 
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P2          : 15.7
Test       : 20.7
E
T ime (ms)
(B) Equivalent Plastic Strain & Dissipated Energy
 
Figure 4.27 Effects of spikes (S1 SS2205) 
 
The deflection time plot given in Figure 4.27 shows that very good correlation can be 
obtained with the idealization techniques described above given its rather crude approach. 
P2 profile gives a better approximation than P1 profile possibly due to its higher rate of 
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increase in rise time that compensate a slightly severe response brought by the spikes. 
Negative pressures have no effect on the predicted peaks but to dampen the residual 
response.  
 
The investigation of the dissipated energy and the strain deformation gives a very 
ifferent conclusion that warrants some attention. From Figure 4.27B, both the P1 and P2 
profiles have under-predicted the amount of total dissipated energy and the equivalent 
plastic strain at the mid-point (M) of the barrier. There is also evidence of local straining 
in the connection region that is not captured by the P1 and P2 profiles.    
 
4.6 Summary 
The current status for the design of stainless steel profiled blast walls is reviewed. The 
distinctive response behaviour of various sections (plastic, compact and slender) has been 
presented and some analysis tools for assessment of the blast barriers are also discussed. 
The study highlighted several limitations inherent to the SDOF method and validation 
studies on the design g sented. Where detailed 
assessment of the blast wall is required, the study can be carried out by a finite element 
study. A comprehensive review is given on the general considerations on the modeling of 
blast response for the profiled panel using NLFEA. These are particular useful if the post 
elastic strength of the blast walls need to be exploited. The inadequacies of the current 
design of blast walls have also resulted in the need of retrofitting of many existing blast 
walls. This is addressed in the next chapter. The following summarizes some of the key 
findings from the above study. 
d
uidance given by TN5 are also pre
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(i) The use of minimum guaranteed material values will affect classification of the 
section and may give rise to unconservative prediction on the integrity of the connecting 
regions. In addition, the commonly adopted elastic perfectly plastic material behaviour 
has shown to give unconservative prediction on the deflection response after yielding and 
the predicted peak and ductility also do not correlate well with the actual material model.  
 
(ii) For general analyses such as to predict the static peak capacity, the use of a single bay 
profile with relative coarse mesh has shown to be adequate. However, other information 
such as failure modes and structural ductility can be misleading. At least 3 bays are 
recommended t ng response is 
required. Some recommendations in regards to the number of elements required in the 
model are also suggested. Static nonlinear analysis can be conveniently used to establish 
the validity of the finite element model, in addition of deriving the static resistance 
function, before proceeding to a more detailed dynamic analysis. This approach has 
helped to establish the effects of material idealization, boundary conditions and 
imperfection sensitivity of the panel as demonstrated above. 
 
(iii) The work here has shown that correct modeling of the in plane restraint conditions 
cannot be ignored especially for deep sections subjected to relatively long duration of 
high overpressures since buckling can be prevented in the presence of membrane action. 
The assumption of symmetry condition along the longitudinal vertical edges of the outer 
corrugated bays results in conservative prediction and thus can be safely adopted for 
relatively long wall construction. Half corrugated FE models can also been safely 
o be included in the FE model if the full post buckli
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adopted as long as only peak load with its corresponding deflection is of interest. This 
odes of imperfection 
nd their corresponding amplitudes. In the absence of the required data, it is best to 
metric studies to obtain the response envelopes 
presented. Good correlation 
etween the predictions made by TN5 and NLFEA can be generally obtained up to the 
model however cannot give realistic post peak behaviour and the forms of buckling 
shapes are also fundamentally different. 
 
(iv) Only S1 section is imperfection sensitive in this study. This can be conveniently 
investigated by the natural frequencies of the barrier or the shape of the static load-
deflection plot by comparing the primary stable path (predicted) and the unstable path. 
The introduction of imperfection can help to trigger the otherwise missed unstable 
behaviour. However, it is often unclear what are the fundamental m
a
approach the problem by conducting para
of the barrier. This area of study requires a more extensive and comprehensive study than 
those presented here.  
 
(v) Reduction factors to take account of the loss of stiffness due to support rotation, local 
transverse effects and flattening of the profiled barrier are 
b
elastic limit for the elastic section (S1 SS2205). The predictions made by the TN5 on the 
plastic and compact sections can be unreliable and sometimes unconservative if 
significant nonlinearity exists in the early part of the stress strain curve for the stainless 
steel which can be described by the Modified Ramberg Osgood Formulation. In any case, 
the use of the SDOF design charts which are derived based on idealized resistance 
function should not be expected to produce good prediction when there is extensive 
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inelastic deformation. The adoption of a strain rate enhanced resistance function 
established from finite element analysis has shown to improve the correlations 
bstantially.  
 
(vi) TN5 do not permit plastic response for Class 4 slender sections based on the 
assumption that they cannot achieve their yield strength as observed in a stub test where 
the column is axially loaded. However, the investigation of the S1 SS2205 section has 
demonstrated that there is still considerable reserve capacity of the section before 
instability. A more efficient design will result if this reserve capacity can be exploited. 
For this slender section, the static capacity can be increased by approximately 25% with a 
ductility ratio of 1.84 before instability occurred if plastic deformation is allowed. For the 
S1 SS316 section, the ductility ratio of up to 4 at instability is much higher than the 
ductility limit recommended by TN5. Similarly for the remaining sections, considerable 
higher reserve capacity and ductility is observed. This potential in saving is expected to 
be even more significant in the dynamic load case since the instability of S1 sections is 
more susceptible to long duration loads.  
 
(vii) There are considerable advantages in the use of SS316 material for blast wall design. 
It allows better dissipating energy capability that can th n onset of 
instabili hus provide be ans of r  the i of  wall under 
high loa us anent d ation. B alls e allowed to 
respond plastically have generally more reserve capacity and ductility. Nevertheless, for 
plastic design, particular attention needs to be given to possible local and global 
instabilities due to large deform .  
su
prevent e sudde
ty and t tter me etaining ntegrity the blast
d levels that can ca e perm eform last w that ar
ation
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 (viii) Relatively shallow sections (S3) are sensitive to the peak overpressure but not to the 
duration of loading. In contrast, the deep sections (S1) are very sensitive to the duration 
of loading. The S2 section has better performance than the S1 and S3 sections due to its 
reasonable initial stiffness and ductile characteristics without any instability problem. Its 
onsiderable membrane capacity can also be used to advantage if proper connections can 
be detailed.  
 
(ix) Spikes that are present in typical pressure traces can be many orders of magnitude 
greater than the running average although they usually occur for a short duration. The 
present study indeed shows that such spikes can result in localized effects that may not be 
captured accurately by the idealized pressure profiles. The strain and dissipated energy of 
the barrier can also be misrepresented. Global deflection response, however, is barely 




5. PASSIVE IMPACT BARRIER  
 
5.1 Background 
After the publication of the Cullen Report [5.1] into the Piper Alpha Tragedy at the North 
 
ea where the platform and 167 working personnel were completely lost following a gas 
nducted to assess the integrity of existing offshore 
hen the existing 
stallations so that any escalation of event due to the explosion can be avoided. Schleyer 
ntary large-scale tests together with computer 
experimental and numerical studies on the response of stiffened plates subjected to gas 
S
explosion, many studies are co
structures subjected to hydrocarbon explosion and to design retrofitting schemes to 
provide additional capacity. The Health and Safety Executive (UK) now requires safety 
cases to be submitted for all new and existing installations to demonstrate that major 
accidental hazards have been identified and reduced to as low as reasonably practical 
(ALARP) [5.2].  
 
Following a recent joint industry project [5.3], it is established that large overpressures, 
of the order of several bars, can occur in a typical offshore module. This is significantly 
higher than previously thought where the blast walls typically around the well bay area 
are designed against nominal overpressures of 0.1-0.3 bar. Few retrofitting and 
rehabilitation techniques have since emerged in an attempt to strengt
in
et al [5.4] has conducted compleme
modeling to develop a new design of connection for blast walls which enable advantage 
to be taken of the membrane restraint while minimizing the impact of high reaction forces 
at the support.   It may also be possible to stiffen the wall by facing plates or in the form 
of a light grillage welded to the blast walls [5.5]. Pan and Louca [5.6] have also presented 
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explosions. However, stiffening may constrain the bending deformation of blast walls 
resulting in less dissipation of energy and higher shear forces at the connections (see 
Chapter 2).  
 
In a recent review [5.2] on the design of offshore structures to resist explosion hazards, in 
the event where the hazard cannot be eliminated, passive systems are suggested to be 
more reliable than active control and mitigation systems. The concept of a passive system 
for absorbing energy in impact situation is not new. The system to be proposed here is 
analogue to a side impact protection system on automobile vehicles where the beams are 
placed behind the door panels to absorb as much collision force as possible with the 
remaining energy dissipated throughout the frame of the vehicle [5.7]. The use of 
sacrificial cladding systems have also shown to be effective in the design of blast 
resistant structures in energy absorption and mitigating impulsive loads transferred to the 
supporting structure [5.8-5.9].  
 
This chapter proposes an alternative technique for providing a passive energy dissipating 
system to increase the energy capacity, stiffness and strength of blast walls. In essence, 
an impact barrier or brace is placed at a certain offset behind a profiled blast wall that is 
extensively discussed in Chapter 3 and 4. When subjected to certain level of loading, the 
blast wall will come into contact with the barrier that consequently absorbs some of the 
strain energy as well as altering the boundary conditions of the blast wall. Upon contact, 
the barrier helps to reduce the deformation of the blast wall and mitigate the strain 
development along the welded connections. The membrane effects in the panel will be 
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reduced and thus delaying the tearing of the connecting welds. As such, the containment 
pressure and energy capacity of the blast walls can be enhanced. Furthermore, by 
permitting extensive plasticity to develop in both the blast panel and barrier, the impulse 
transfers to the supporting structure can be expected to be less than that of a stiffened 
panel. Another major advantage of this retrofitting technique is that costly shut down of 
the production facilities in the topsides can be avoided as site welding can be minimized 
as compared to the more traditional strengthening techniques. With appropriate planning, 
the proposed structural arrangement may also be suitable in new installations.  However, 
the major drawbacks of the proposed system are the lack of control against load 
variab
 
e-scale blast tests on shallow profiled 
 thick 
rade 40C profiled panel is approximately 3746
ility and decrease of usage space in congested topside.  
For validation of the proposed system, two larg
blast walls are carried out by Advantica and the test results are used for calibration of the 
numerical models [5.10]. The proposed model is extended to investigate the response of 
intermediate profiled blast walls with a singly braced diagonal impact barrier system and 
cross bracing impact barrier system.  The various systems are appraised and the increase 
in the containment pressure for the blast wall is demonstrated. 
 
5.2 Experimental Setup and Observations 
The structural arrangement of the blast wall is shown in Figure 5.1. The 2.5mm
G × 3486mm in size and is welded to 
100 75 8mm angle frames by a continuous 3mm single sided fillet weld which in turn 
is fixed to the primary support structure by two lines of 5mm fillet welds. The panel is 
× ×
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oriented with the corrugations running vertically and the wider of the two flanges away 
from the explosion chamber. A Grade 50D 203 × 203 × 46 UC bracing is placed 
diagonally at an offset of 92mm behind the blast wall. It is rigidly fixed to the primary 
support structure and positioned in such a way that it will ben  about its minor axis.  Two 
explosions tests are carried out and the pressure traces, reproduced by digitization of the 
raw experimental data, are given in Figure 5.2. The P1 cur ll be used for the shallow 
blast wall and the P2 curve will be varied for peak pressure and duration for the study on 
the intermediate blast wall. Readings from displacement transducers indicate that the 













































Figure 5.2 Recorded and idealized pressure traces for SB1 and SB2 
 
 5.2.1 Test SB1 
Post test inspection reveals that the integrity of SB1 blast wall is preserved though 
significant plastic deformation is observed. The permanent deflection at the mid point of 
the impact barrier is approximately 30mm in the outward direction. 
 
5.2.2 Test SB2 
The blast wall is subjected to a more severe load in this test. The majority of the top and 
bottom weld have ruptured. The lower connection between the impact barrier and the 
support structure is also severed. Despite this, the complete panel has not completely 
dislodged from the angle brackets. There is few short failure lines along the longitudinal 
directions and most occurred along the welded splices in the panel. A small amount of 
rupture of the vertical weld at the two corners is also observed. The horizontal angles 
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suffered severe permanent deformations although the vertical angles are only mildly 
deformed. Maximum rotations of 45° and 5° are measured for both angles respectively. 
Figure 5.3 identifies the various failure modes of the blast wall. Referring Figure 5.3A, 
although the permanently deformed panel is in the reverse of the load direction, the 
failure of the panel is in accordance with the deformed shape of the horizontal angles 
hich occur in the positive phase of the pressure time curve. w
 
 
(A) SB2 panel after blast test I 
 
(B) SB2 panel after blast test II 
Figure 5.3 Failure of SB2 after blast test  
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5.3 Finite Element Modeling 
Finite element analysis is carried out using commercial software package 
Abaqus/Explicit [5.11] where the effects of geometric, material and contact nonlinearities 
are considered. Full stress strain behaviour is based on the nominal material properties. 
Weld failure and subsequent tearing of panel as observed in Test SB2 is modeled using 
Equation 3.6. All models are made up of 4-noded linear reduced integration shell 
elements and contact between the panel and the barrier is formulated using the soft 
kinematics algorithm with small relative sliding. Fixed boundary condition is assumed to 
be rigidly connected along the bottom of the end plates connecting the corrugated panels. 
Approximately 5000 and 28000 elements are used to model the shallow and intermediate 
blast walls respectively. All braces are assumed to have built-in ends. 
 
5.4 Results and Discussions 
The recorded typical deflections for the barrier and the blast wall for test SB1 are 
compared with FE predictions as shown in Figure 5.4.  The stiffness and peak responses 
of the FE models are reasonably well predicted although the residual deflections are over 
estimated. This is possibly due to the negative pressure traces that are ignored in the FE 
analyses and as well as the use of nominal material properties. In general, the overall 
deformation of the models is well captured. 
 
5.4.1 Shallow Blast Wall Without Brace 
Upon loading of the SB2 blast wall, plastic strain begins to build up along the horizontal 
weld direction. However, it is in the middle region where significant plastic strain starts 
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to develop and initiate the first weld failure. Thereafter, tearing of the panel progresses 
towards the corners in two directions as the loading continues. Once the entire horizontal 
weld has failed, all imposed loadings can only be resisted by the vertical weld and thus 
results in sudden increase of plastic straining. Unlike the horizontal weld where failure 
commences distinctly from the center region, the failure of all the vertical weld occur 
almost simultaneously and immediately after the failure of all horizontal weld, resulting 
in a complete dislodgement of the panel from the angle frames. Due to the different 
failure progression pattern along the two directions, the horizontal boundaries of the 
islodged panel approximates to a half sine wave curve while there is no obvious 
250
d
curvature and rotation observed along the vertical boundaries. A typical contour plot for 
the 10% rupture strain model is shown in Figure 5.5. The discussion here is valid for 
cases with specified rupture strain values up to 12%. 
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Figure 5.4 Deflection history for SB1 
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Figure 5.5 FE model for shallow blast wall without brace 
 
 






5.4.2 Shallow Blast Wall With Single Diagonal Brace 
Due to the inclusion of the single diagonal impact barrier, the plastic strain distribution of 
the weld material is more complex after the blast wall comes into contact with the brace. 
First failure of the weld occurs at about three-quarters of span from the brace ends along 
the horizontal direction, and tearing progresses towards the four corners. Depending on 
the rupture strain employed in the analysis, tearing may reach the corners and progress 
along the vertical direction from the far ends of the brace. Complete dislodgement of the 
panel has not occurred for the range of rupture strain values investigated (8%-12%). 
Figure 5.6 shows the contour plot for the 10% rupture strain model. 
 
5.4.2.1 Energy capacity and plastic strain 
Typical equivalent plastic strain history plots for some elements (see Appendix-8) along 
the middle horizontal weld are shown in Figure 5.7. Assuming the rupture strain value of 
10%, it is clear that the barrier has the effects of relieving the plastic strain build-up and 
delays the time of weld failure. In this example, the times for first weld failure are 36ms 
and 41.5ms for the un-braced and braced cases respectively. 
 
With the inclusion of the impact barrier, the plastic dissipated energy for the supporting 
angle frames have been reduced while the dissipated energy for the panel has increased 
(Table 5.1). At the end of the analysis, the energy dissipated by the horizontal and 
vertical angles are reduced by 37% and 22% respectively. In contrast, the energy 
d  
barrier has reduced the deforma es, and has increased the total 
issipated by the panel is increased by about 14%.  It is apparent that the inclusion of the
tion of the angle fram
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energy capacity of the blast wall by as much as 37%. At first failure, the increase is about 
3.6% which is largely governed by the offset of the barrier from the blast wall.  
 

























E19648  No Brace  Brace
E16048  No Brace  Brace
E14848  No Brace  Brace
 
allow blast wall (SB1) Figure 5.7 Effects of brace on plastic strain for sh
 
Table 5.1 Plastic dissipated energy (kJ) of shallow blast wall 
 At 1st weld failure Maximum 




Panel 18.32 19.46 236.46 268.80 
Horizontal Angles 
 
13.59 7.86 95.16 60.23 
Vertical Angles 0.02 0.02 69.77 54.51 
Barrier - 5.73 - 167.5 
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5.4.2.2 Brace offsets 
The offset of the impact barrier behind the blast wall may be varied; however, too small 
an offset may limit the deflection of the panel and requires a heavier barrier section due 
 substantial plastic deformation of the barrier, while too large an offset may render it to
ineffective.  
 








































alues (>150mm), the offset has little effect on the maximum deflection and dissipated 
energies of the blast wall, after which the maximum deflection increases rapidly and the 
maximum dissipated energy for the barrier decreases rapidly for increasing offset until a 
stage where the contact with the blast wall is no longer possible. For the offset of 92mm, 
Figure 5.8 Effects of offsets for shallow blast wall (SB2) 
 
Figure 5.8 shows the effects of varying the offset on the maximum deflection of blast 
panel and the maximum dissipated energy for the various components of the blast wall. 
The shear failure model is not included for clarity. Apart from the extreme cases of
v
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the barrier has reduced the dissipated energy by about 48% and 54% for the blast panel 
and the horizontal angles respectively.  The total dissipated energy for the barrier and the 
horizontal angles exceed that of the panel. The inelastic deformation for the vertical 
angles is insignificant as the dominant structural action occurs along the corrugations.  
 
5.4.2.3 Panel and brace stiffness 
The influence of interaction using various brace and panel sections (see Appendix-8) are 
shown in Figure 5.9. An increase in the brace and panel sections reduces their respective 
plastic deformation. Note that increasing the brace section results in decreasing its 
dissipated energy for Panels 1 and 2 but not Panels 3 and 4.  This is due to the limited 
deformation of the stiffer panels resulting in higher energy absorbed by the brace and as 
well as the horizontal angles. Figure 5.9B illustrates that increasing the panel thickness is 
more effective in controlling panel tearing although it offers little scope of energy 
dissipation. Thus figures such as Figure 5.9A and 5.9B can be studied together to aid in 
the economical combination of the brace and panel. It is also noted that the stiffness of 
the singly diagonal brace has little influence on the time of yielding and maximum 
deflection of the panel which occurs at about quarter point of the panel.  
 
5.4.2.4 Impulse to supporting structure 
Low dissipated energy may indicate a higher impulse being transferred to the primary 
support structure which is of concern since the supporting structure may have been 
already weakened by the direct blast load from the explosion. One major limitation of 
using a larger brace section is due to the magnitude of reaction force transferred to the 
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can be obtained with low panel/barrier stiffness ratio.   
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(B) Equivalent Plastic Strain (E20848)
 
Figure 5.9 Effects of panel and brace stiffness for shallow blast wall (SB2) I 
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Figure 5.10 Effects of panel and brace stiffness for shallow blast wall (SB2) II 
 
strain rate effects 
-1
-1
5.4.2.5 Material parameters for 
Strain rate effects for mild steel can similarly be described by the Cowper Symonds 
equation given in Equation 3.1 amid its limitations that have been discussed. The 
material constants (D and q) are given in Table 3.1. For the SB2 blast wall, in view of the 
relatively low strain (1.5% - 2.0%) for the inner elements, reference strain rate of D = 40 
s , and hardening parameter of q=5.0 can be adopted. Much higher strains (up to 14%) 
are recorded at the welded connection and thus D = 6844 s  and q = 3.91 which are 
derived in the ultimate tensile stress region for mild steel may then be more appropriate. 
The following illustrates the importance of correct modeling of these parameters.  
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E15648:  No Rate  Rate1  Rate2
E14848:  No Rate  Rate1  Rate2
 
Figure 5.11 Effec monds equation 
ws 
 more gradual increase in strain and has resulted in no weld failure at the end of the 
ts of strain rate parameters (D and q) for Cowper Sy
 
The equivalent plastic strain plots for two typical outer elements along the horizontal 
weld are shown in Figure 5.11 where Rate1 model adopts the material constants of 
D=40s-1 and q=5.0 for the entirely blast wall and Rate2 model takes account of the 
significantly higher strain at the connecting regions by modeling the outer weld elements 
of the blast wall using D=6844s-1 and q=3.91.  It is apparent that the Rate1 model sho
a
analysis. The maximum predicted strains are well below the 10% rupture strain criterion 
assumed for this model. The Rate2 model shows a higher rate of increase in strain and is 
less sensitive to the rate effects since its reference strain rate D is much higher than the 
Rate1 model. Furthermore, strain rate effects have resulted in delayed failure times for all 
weld elements. In this example, the failure time for E15648 is 41.5ms for the model 
without strain rate effects, while the Rate 2 model predicts a failure time of 42.5ms. 
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5.4.3 Intermediate Blast Wall Without Brace 
The intermediate blast wall considered here consists of a 4× 4m profiled panel of 9mm 
ickness welded at its corrugation ends by 20mm end plates, both of which are made of 
stainless steel grade SS2205. This material is assumed to fail when the equivalent plastic 
strain exceeds 18%. Figure 5.12 shows the structural configuration of the blast wall with 
possible arrangement of the impact barriers.  The overpressures are modeled by P2 given 




Figure 5.12 Structural configuration of intermediate blast wall  
 
Figure 5.13A shows the maximum equivalent plastic strain contour plots for the blast 
wall without the impact barrier when subjected to overpressures of 2, 3 and 3.25 bars for 
duratio in the 
central region of the compression flange ithout significant distortion of the cross 
n of 100ms. For the 2 bars overpressure, there is widespread plasticity 
w
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section. The maximum plastic strain is approximately 0.6% for this load case. When the 
overpressure is increased to 3 bars, the cross section collapses and there is a sudden 
increase of deflection with maximum plastic strain of 8% in the compression flange and 
10% near the horizontal connections. The blast wall is assumed to fail by weld tearing 
when subjected to 3.25 bars as the plastic strain near the connection is well above 18%.   
 
The plastic strain plot given in Figure 5.13B shows that an increase in the duration of the 
pressure pulse leads to a reduction in the containment pressure of the blast wall from 3.25 





Figure 5.13 Equivalent plastic strain for intermediate blast wall without brace (cont’d) 
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Figure 5.13 Equivalent plastic strain for intermediate blast wall without brace 
 
5.4.4 Intermediate Blast Wall With Single Diagonal Brace 
Figure 5.14A shows the maximum equivalent plastic strain contour plots for the blast 
wall with a single diagonal brace placed at an offset of 16mm when subjected to 
overpressures of 2, 3 and 4.50 bars for a duration of 100ms. The impact barrier is a 
200 200 10 SHS made up of steel grade 420. An overpressure of 1 bar is required for 
the blast wall to come into contact with the barrier with little plasticity.   
 
For the 2 bars overpressure, there is only about 0.2% plastic strain at the compression 
flange which is only about 30% of that observed from the unbraced blast wall. When the 
overpressure is increased to 3 bars, the plastic strain is about 8% at the local buckling 
region at the mid span of the central compression flange. In contrary to the unbraced 
blast wall, no plastic strain is observed at the connecting weld and the cross section 
× ×
 154
remains intact. Ho en the blast wall 
ars overpressure and the plastic strain is about 12% at the interior and 
he plastic strain plot given in Figure 5.14 shows that an increase in the duration of the 
wever, gross distortion of the cross section occurs wh
is subjected to 4 b
as well as along the horizontal connections. A further increase in the overpressure to 4.5 
bars results in the strain at the regions of horizontal connection reaching almost 18%. 
Thus, the overall increase in load capacity and energy capacity when compared to the 
unbraced blast wall is about 50% and a hefty 150% (1898 kJ vs. 753 kJ) respectively.  
Furthermore, the maximum deflection is reduced from 620mm to 140mm for the 3 bars 
load case with a more gradual increase of deflection with time for the braced blast wall.  
 
T
pressure pulse leads to a reduction in the containment pressure of the blast wall from 5.00 
bars to 4.00 bars for durations of 50ms and 100ms respectively.  In general, as observed 
from the unbraced blast wall, an increase in the load duration reduces its containment 
pressure due to the increase of plastic strain with duration of loading.  
 
5.4.4.1 Brace offsets 
Figure 5.15 illustrates the influence of offsets of the 200× 200× 10 SHS diagonal brace 
for the load duration of 50ms and 100ms. For the 100ms load duration, the containment 
pressure is reduced from 4.5 to 4 bars when the offset is increased from 16 or 41mm to 
91mm.  For the overpressure of 3.0 bars, the case of the 91mm offset performs somewhat 
better than the rest. However for the 50ms load duration, the maximum containment 
pressure of 5.00 bars is obtained for the case of 41mm. This observation on the effects of 
offset is believed to be due to the redistribution of plastic strain when the blast wall 
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contacts the barrier, which is a function of deformed shape of blast wall that depends on 
the load magnitude, load duration, stiffness of the panel and the barrier, and as well as 
the offset of the barrier. This complex interaction resulting from varying offsets is also 
observed for the shallow blast wall. 
 
5.4.4.2 Brace stiffness 
When the impact barrier given above is replaced by 300× 300× 10 SHS, its stiffness is 
increased by a factor of 3.6 and the plastic strain plots are included in Figure 5.15. In 
eneral, this has the effect of increasing the containment pressure of the blast wall. The 
optimal offset is 41mm at 5 bars for both the load duration of 50 and 100ms.  Again, we 
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Figure 5.15 Effects of brace offsets and stiffness for intermediate blast wall with single 
diagonal brace (contd) 
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igure 5.16 shows the maximum equivalent plastic strain contour plots for the blast wall 
w rriers placed at an o
verpressures of 3, 3.5 and 4.00 bars for a duration of 100ms. The impact barrier is the 
re is a sma
sed to 3.5 bars, the plastic strain is about 
% at the outer corrugations with some distortion of the cross section profile. At 4.0 bars 
(B) td = 100 m s
Figure 5.15 Effects of brace offsets and stiffness for intermediate blast wall with single 
diagonal brace 
 
5.4.5 Intermediate Blast Wall With Cross Diagon
F
ith cross diagonal impact ba ffset of 16mm when subjected to 
o
200× 200× 10 SHS used for the singly braced intermediate blast wall.    
 
For the 3 bars overpressure, the ll amount of plasticity developed at mid-span 
of the compression flanges. The maximum plastic strain of 0.8% occurs at the outer 
corrugations nearest to the vertical supports. There is no noticeable distortion of the cross 
section profile. When the overpressure is increa
5
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overpressure, the maximum predicted plastic strain is increased to 16% which is close to 
the rupture strain. Thus the cross impact barriers offset at 16mm have raised the 
containment pressure by approximately 33% when compared to the unbraced wall.  
 
Unlike the unbraced and singly braced blast walls where failures are due to the tearing of 
horizontal weld, the doubly braced wall failed by the severe collapse of the cross section. 
Only relatively small plastic strain along the horizontal welds is observed for the cross 
braced blast wall. It is also interesting to note that the containment pressure is less than 
the singly braced wall which is predicted to have containment pressure of 4.5 bars. This 
is the result of larger deflection allowed for the singly braced blast wall that triggers the 
activation of some membrane action which helps to reduce the buckling strain at the 
compression flange.  At the same time, the single diagonal brace has relieved some of the 
plastic strain at the horizontal weld due to significant membrane response which is 
observed for the unbraced blast wall.     
 
The plastic strain plot given in Figure 5.16 shows that an increase in the duration of the 
pressure pulse leads to a reduction in the containment pressure of the blast wall from 4.5 
bars to 4.0 bars for duration 50ms and 100ms respectively.  In general, as observed from 
the unbraced and singly braced blast walls, an increase in the load duration reduces its 








































Figure 5.16 Equivalent plastic strain for intermediate blast wall with cross diagonal brace 
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5.4.6 Further Comparison of Barrier Systems 
s barriers systems for both the shallow and intermediate blast walls 
investigated in Section 5.4.1-5.4.5 are compared and discussed below. 
 
5.4.6.1 Shallow blast wall 
The effects of load duration on the containment pressure of the shallow blast wall system 
can be typically illustrated in Figure 5.17. For shallow blast wall, the maximum plastic 
strain almost always occurs along the horizontal weld where the corrugations intersect 
with the horizontal angles. Taking 10% as the rupture strain for the SB2 wall as an 
example, the containment pressure of the blast wall strengthened with the single diagonal 
barrier is enha
The variou































40 ms  :  Brace  No Brace
80 ms  :  Brace  No Brace
120 ms:  Brace  No Brace
 
Figure 5.17 Effects of load duration for shallow blast wall with single diagonal brace 
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The effect of duration has little influence on the unbraced blast wall for the load 
durations of 40 and 80ms but the braced blast wall shows an apparent increase of 
containment pressure with the load duration. This is due to the susceptibility to flattening 
of the cross section profile to relatively long load duration. This additional energy 
dissipation mechanism delayed the activation of membrane action that is responsible for 
the significant plastic strain along the welded connection. The section is classified as 
plastic section [5.12] and therefore is not expected to be prone to buckling. Thus, the 
section flattens in a controlled manner when subjected to relatively long load duration. 
This also explains why the failure of the shallow blast walls is almost certain to be due to 
 
5.4.6.2 Interm
horizontal weld tearing.     
ediate blast wall 
aximum deflection for the various intermediate blast wall 
 level, the unbraced blast wall is assessed to have failed. 
age of the cross barrier system diminishes. 
Figure 5.18 shows the m
systems with the 200× 200× 10 SHS impact barrier at an offset of 16mm. For the 1.0 bar 
overpressure load case, there is negligible difference on the response. For the 2.0 bars 
load case, the benefits of the impact barriers become apparent but little difference is 
observed between the single and double barrier systems. When the overpressure is 
increased to 3.0 bars, the cross barrier system performs significantly better than the 
single diagonal barrier system. This difference becomes more pronounce for the load 
case of 3.5 bars. At this load
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Figure 5.18 Deflection for intermediate blast wall 
 
Figure 5.19 shows the estimation of the containment pressure subjected to the influence 
of load duration. In contrast to the shallow blast wall, the containment pressure decreases 
with the increase of load duration. As noted above, the dominant behaviour of the 
intermediate blast wall is local buckling which either triggers the sudden increase of 
plastic strain along the horizontal welds or results in the collapse of the cross section. 
 
The single braced blast wall is assessed to survive the peak overpressure of 4.5 bars for 
00 ms, and 4.0 bars for the load duration of 150 ms. The cross load duration of 50 and 1
braced blast wall is assessed to survive the peak overpressure of 4.5 bars for the load 
duration of 50 ms. Both impact barrier systems are capable in enhancing the capacity of 
the unbraced blast wall. In addition, the single barrier system allows greater energy 
dissipation at time of failure than the cross barrier system as illustrated in Figure 5.20. 
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This implies that the cross barrier system will result in a higher dynamic reaction forces 
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A novel strengthening technique for blast walls is proposed. The application of the 
technique is discussed by investigating the containment pressure of two profiled blast 
walls distinguished by the compactness of the cross section profile. This is carried out by 
assuming a rupture strain criterion which has been validated by two large scale blast tests 
on the shallow blast walls. The importance of the correct modeling of the strain rate 
effects on the rupture strain of the blast walls has also been briefly presented. The 
capacities of the blast walls are significantly enhanced by the proposed barrier systems 
and this increases the overall robustness of the blast wall which reduces the possibility of 
an escalation of event due to accidental hydrocarbon explosions. In particular, this has 
also allowed the absorption of some inevitable uncertainties in the determination of the 
design overpressures. The followings are some of the key findings from this study.  
(i) For ses the 
conta pressure of the blast wall by reducing the me brane a tion an  thus 
delaying the tearing of the horizontal welds. The containment pressure can be enhanced 
by m he load c cons red her and u 5% ase i e total 
dissipated energy of the blast wa ystem ilure is often c d by ld tear which 
initiated along the horizontal weld after substantial flattening of the s ion. Th section 




the shallow blast wall, the single diagonal impact barrier increa
inment m c d
ore than 80% for t ases ide e, p to 3 incre n th
ll s . Fa ause we ing 
ect e 
t du  o  esp ly at
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(ii) While reducing 
the m  deflection, the singl  diagon  barrier system provides better means of 
energy dissipation and higher containment pressur In all c s, failu  is trig red by 
the local buckling of the section  leads  a sudd  incre f the tic str  along 
the h  a collapse  the s n. Th tter fa  beha ur is ciated 
with r system due to limite allow deflec n whic so im s that 
a higher dynamic shear forces are transferre  to the supporting structure. For the single 
diagonal and the 
dissipated energy increased up to 150%. As opposed to the shallow blast wall system, 
long duration loading promotes buckling and thus provides a more adverse response.   
 
(iii) Although the impact barrier system is effective in enhancing the capacity of the blast 
walls, there is a need to ensure the impulse transferred to the suppor
excessive. The offset and the barrier section will also require careful selections so as to 
obtain an optimal blast wall system. Nevertheless the proposed system has offered a 
feasible alternative for rehabilitation and retrofitting of existing blast walls despite some 
of its inherent limitations which have also been highlighted.      
 
 
 the cross barrier system for the intermediate blast wall is effective in 
aximum e al
e. ase re ge
 that  to en ase o  plas ain
orizontal weld or  of ectio e la ilure vio asso
the cross barrie d able tio h al plie
d
barrier system, the pressure capacity is enhanced by up to 50% 
t structure is not 
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6. COMPOSITES LAMINATED PANEL 
6.1 Background 
In recent years, there is strong interest in the offshore and marine industry to further the 
application of composite materials in primary structural applications. Composites have a 
significant advantage over traditional metals by virtue of their high specific strength and 
arine environments, non-magnetic and unique 
operty of high specific strength and stiffness offer a 
 
hted a general lack of robustness for most 
stiffness, buoyancy, resistance to harsh m
stealth characteristics. The pr
particularly very attractive alternative for retrofitting works in offshore structures where 
there are usually stringent limitations on any additional loads.   
 
Some successful applications [6.1-6.4] and potential usage [6.5-6.7] (also see Figure 6.1) 
of the composite in the marine environment have been reviewed. Lower cost and weight 
advantage in the order of 30% can be achieved for blast wall applications when compared 
to stainless steel profiled panels [6.5]. Although the increase in application of composites 
is expected to continue, predictive capability on their damage behaviour still lags behind. 
This has resulted in expensive testing of the material and conservative design limits. 
Failure prediction for composites is still very much in its research phase and this can be 
attributed to different behaviour of the composite for a wide range of parameters with 
respect to loading conditions. In a study on a number of commonly used failure theories 
by Soni [6.8], as high as 70% difference in strength prediction is obtained depending on 
the types of composites and loading conditions. A more recent worldwide failure exercise 
[6.9] has attempted to push the limits of some established theories for the prediction of a
series of test cases. The exercise has highlig
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theories to be adopted as a global failure criterion. Although the general response of all 
test cases are reasonably predicted and the prediction of uniaxial failure is generally in 
good agreement, most current theories which have taken part in the survey can at most 
achieve 50% accuracy in final strength predictions for multi-directional laminates. In 
general, combined matrix, tra  with large deformation 
are more difficult to predict than a fibre dom ailure. It is noteworthy that no finite 
elements code vendors have taken part in this exercise and thus there is still no formal 
appraisal on the numerical algorithms of these codes for failure prediction.  
 
nsverse and shear failures coupled
inated f
 
Figure 6.1 Co nology.com) 
 
This chapter ion into the 
finite element code for the prediction of response and failure in large scale composite 
panels subjected to blast. Several techniques of modeling laminated composite are 
discussed and few characterization tests carried out in US Navy Academy are presented. 
mposite blast control panels (www.Offshore-Tech
 reviews and develops simple n merical models for implementatu
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The proposed models for the prediction of blast response of laminated composite are 
further validated with some experimental data obtained from the literatures. Finally, some 
comments and comparisons are given for the steel and composite blast barriers.    
 
6.2 Failure Models  
6.2.1 Interactive Based (Polynomial) Failure Criteria  
Equation 6.1 gives the stress envelope of Tsai-Hill [6.10] failure criterion which is 
ssentially an application of the Hill’s anisotropic plasticity theory [6.11] by assuming an 
orthotropic failure criterion. It is developed based on the mathematical premise that 2nd 
order curve for rimental result 
reasonably well.  
 
G H F H F G H G Fσ σ σ σ σ σ σ σ σ+ + + + + − − − +& & &
e
 all stress components is able to describe the expe
     
2 2 2
11 22 33 11 22 11 33 22 33
2 2 2
23 13 122 2 2 1.0L M Nσ σ σ+ + =
          (6.1) 
 
F, G, H& , L, M, N are material constants that are to be evaluated for unidirectional loading 
conditions. Thus, Equation 6.1 can be written as 
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where X, Y, Z, Q, R, S are the respective axial and shear strength. The major drawback of 
Equation 6.2 is that it takes no account of the difference in tensile and compressive 
strength, as well as isotropic effect and hydrostatic stresses. The nature of the equation 
implies that in a biaxial stress state, probability of failure is enhanced when the normal 
stresses are in different signs, and reduced when the normal stresses are in the same sign.  
 
Hoffman [6.12] has added 3 linear normal stress terms to the Hill’s anisotropic yield 
criterion, resulting in 9 strength parameters to be determined, in order to take account of 
the difference in tensile and compressive strength. On the other hand, Tsai and Wu [6.13] 
propose the use of 2nd order polynomial strength tensors to account for the differences in 
tensile and co lynomial. The 
criterion is anisotropic in nature and is applicable for all coordinate systems. The failure 
criterion exists in the scalar form of 
 
                                                 
mpressive strength by including linear terms in the po
1.0ij ij ijkl ij klF Fσ σ σ+ =                                                 (6.3) 
 
where Fij and Fijkl are tensor quantities of strength parameters. Equation 6.3 can be 
convenientl valid, it is 
constrained by the c
y rotated using transformation law and for the criterion to be 
ondition 2 0ij kl ijklF F F− >  to ensure a close failure envelope in stress 
space.  By assuming the strength parameters are symmetric tensors and the independence 
of the sign of shear stress in principle material directions for an orthotropic composite 
material, the failure criterion can be reduced to 
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2 2 2 2 2 2
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In a similar fashion as the Tsai-Hill failure criterion but taking account of the difference 
in compressive and tensile strength, the normal strength parameters can be evaluated 
based on uniaxial loading condition, and the interactive strength parameters may be 
evaluated based on equal biaxial loading condition [6.13-6.15].  
 
It should be noted that both the Tsai-Hill and Tsai-Wu failure theories are not meant to 
model the complex failure mechanisms in composites which are represented by a single 
piecewise function. Subsequently, it is not possible to model progressive damage and 
subsequent degradation of the material properties. Often, the Tsai-Wu failure criterion 
will predict a lower ultimate load, presumably due to matrix cracking which is not 
catastrophic in nature. Considering this as a first ply failure, Liu and Tsai [6.16-6.17] 
have recently modified the criterion to differentiate between matrix and fibre failures, 
thus allowing progressive damage to be performed in a ply-by-ply/point by point basis. 
Despite some of the inherent inconsistencies [6.18], the Tsai-Wu theory remains one of 
the leading composite failure theories  as noted in the worldwide failure exercise [6.19].       
 
6.2.2 Mechanism Based Failure Criteria 
To identify the various failure mechanisms of composite, a generalized quadratic failure 
criterion can be developed from Figure 6.2 where it is assumed that there exists a failure 
plane where all or some of associated stresses are responsible for the respective failure on 
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that plane and they interact in a quadratic manner. It is important to note that the 
preference for a quadratic criterion is merely based on best f  of experimental 
observation and not on physical behaviour. Fibre failure plane is perpendicular to the 
fibre directio
it
n and there are two matrix failure planes orthogonal to this plane if the 
lamina is unidirectional. For woven roving lamina, there will be 2 fibre failure planes and 
 the lamina plane. Matrix damage may be represented by the third orthogonal plane is in
in-plane shear damage of this plane.  
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The generalized failure criteria may then be represented by Equation 6.5 where 
,   and X Y Z are the appropriate normal tensile or compressive strength of the respective 
failure planes. S is the shear strength where the subscripts F, M and D denote fibre, 
atrix and delamination respectively.  Some of the most commonly used failure criteria 
m the generalized failure criteria given in 
ns that are mainly based on test observations have also 
.2.3 Delamination Failure 
Delamination failure is a characteristic of composite due to the effects of in plane stress 
gradients and stress-free edges resulting from the compliance mismatch between plies. 
Delamination can be significant when thick composite laminates are subjected to 
transverse loads resulting in shear deformation between layers due to presence of 
interlaminar shear stresses. In addition, fibre and matrix failures are assumed to induce 
stress concentration that can promote delamination. Delamination can occur between 
fibres and matrix, at lamina interface and at free edges which can affect the laminate 
mechanical properties such and fatigue in the form of 
reduced stiffness, premature failure [6.25-6.28] or reduced residual capacity [6.29].   
m
for unidirectional laminates can be derived fro
Equation 6.5. Some modificatio
been proposed in the literature [6.20-6.22]. Slight modifications will also be needed for 
woven roving laminates. Where only in-plane response is required, all the out-of-plane 
components are eliminated. The derivation of Hashin [6.23], Chang and Chang [6.24] and 




as tension, compression, flexure 
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T can be broadly divided into stress based or fracture 
mechanic criteria. Stress based delamination criterion is given by Equation 6.5C and will 
be adopted in this study as fracture mechanic approach often requires high resolution of 
lement m
order effec
he modeling of delamination 
finite e eshes and is not practical for modeling delamination in large panels 
subjected to blast loading. In addition, prior knowledge on the exact location of cracking 
is not of primary interest which is also often unclear.  In the current formulation, 
compressive normal stress is assumed to be fully effective in inhibiting delamination. 
Brewer and Lagace [6.30] argue that since the capability of compression to suppress 
delamination is not proven and is of a higher ts, they proposed 
( ) ( ) ( ) ( )2 22 233 23 13 33/ / / / 1.0T T A CT CZ S S Zσ σ σ σ+ + + =   where the subscripts T and C refer to tension 
 [6.31-6.32] proposes that no delamination and compression. On the other hand, Hou et al
will occur if ( ) 2 2( ) / 8σ σ σ〈− + .  
 
The following proposed two methods will be shown later that they offer some promises 
 
33 13 23C
Other delamination models that have been reported in the literature include using 
fictitious links or constraints at interface [6.33-6.34], scaling up the matrix failure 
criterion by fitting analytical prediction to the experimental data for the delamination area 
[6.35-6.36] and use of interface elements governed by a softening material model [6.37]. 
for modeling blast induced delamination in a global sense without the need of detailed 




6.2.3.1 Resin rich layers 
Delamination arises from the failure of the interply layer caused by the stresses in the 
lamination direction and it is independent of the fibre properties. Depending on the 
fabrication method, these interply layers, sometimes known as the resin rich layers, of 
varying thickness between each lamina always exist in a laminate. From the observation 
that delamination often initiate at these resin rich layers [6.38] as illustrated in Figure 6.3, 
delamination can conveniently assume to occur upon the failure of these layers. 
Furthermore, these very thin resin rich layers (approximately equal to fibre diameter in 
the order of micro ed to be 
governed by in-plane maximum stress criter ination is obviously governed by 
interlaminar stresses and these resin rich layers are known to be constrained by 
neighboring plies. Thus the above assumption may be overly simplistic but conservative 
since the constraints are neglected and for very thin layers, interlaminar shear stresses 
may be ignored. The proposed method is then applied to a layerwise modeling technique 
(see Section 6.3) in which there is no restriction to the thickness of the resin rich layers. 
Similar approach has also been adopted in [6.39] but the efficiency of their model is 
limited by the use of solid elements. 
 
6.2.3.2 Spot weld model 
Spot weld model described in Section 3.3.2 ha
of the profiled steel panels. The model is now extended to describe the interaction 
between plies and when the criteria given in Equation 3.7 or 3.8 are satisfied, 
delamination is assumed to occur.  They represent interlaminar stresses that exist in the 
meter) posses the properties of the matrix phase and are assum
ion. Delam
s been used to describe connection failure 
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delamination efficiently 
implemented into the lem ka o -de bonding 
models will be considered for the purpose of pme dy. No his model is 
equivalent to Equation 6.5C with dded a tage th hysical d ing of layers 
can be  with rresponding effects of break down in combined action of 
laminae d local ess a er buc  loads ublamina urrently, it is 
not possible to couple the delami  failure h in-pl ailures i inite element 
scheme ec  be ved in near f . Howev ecause of its 
simplifi  imple tion e scale els, it rnative in 
delamination modeling
 plane but formulated in force criteria that have been 






 the a dvan at p ebond
modeled the co
, reduce  stiffn nd low kling  of s tes. C
nation  wit ane f n the f
. This is exp ted to  resol  the uture er, b
cation in menta in larg  pan offers an attractive alte
. 
 
Figure 6.3 Schematic diagram showing failure of RRL due to delamination 
 
6.2.4 Progressive Damage 
After the initiation of damage indicated by the satisfaction of one of the failure criteria 
given above, stiffness will be reduced accordingly to the types of damage. Stresses will 
be distributed to the undamaged zones and equilibrium re-established. Failure criteria will 
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be rechecked until no further damage is detected before the analysis for the next time step 
is carried out. It has been stated that initial damage does not necessary constitute a 
collapse for the composite. Instead of reducing the stiffness to zero upon damage, a 
residual factor approach is proposed.  The reduction of stiffness to a residual factor (RF) 
is based on test observations where clearly there exists residual capacity for all specimens 
after maximum load is attained. Although the existence of the residual factor is certain, it 
has yet to establish how precisely such factors can be calculated. With no measured data 
at disposal, this factor will be varied to give the global load-displacement behaviour that 
can describe the test observation reasonably well. Factors range from 0.05 and 0.10 are 
found to be satisfactory for most laminated composites subjected to blast. The proposed 
degradation rules for various damage modes are summarized in Table 6.1 where unity in 
the table means no reduction is required on the respective modulus. 
 
Table 6.1A Property degradation rules for woven roving (WR) lamina  
Failure XXE  YYE  ZZE  XYG  XZG  YZG  
No Failure 1 1 1 1 1 1 
Fibre Failure (1) RF 1 1 RF RF 1 
Fibre Failure (2) 1 RF 1 RF 1 RF 
Shear Matrix  Failure 1 1 1 RF 1 1 





Table 6.1B Property degradation rules for unidirectional (UD) lamina 
Failure XXE  YYE  ZZE  XYG  XZG  YZG  
No Failure 1 1 1 1 1 1 
Fibre Failure RF 1 1 RF RF 1 
Matrix  Failure 1 RF 1 RF 1 RF 
Delamination 1 1 RF 1 RF RF 
 
Table 6.1C Property degradation rules for chopped strand mat (CSM) 
Failure XXE  YYE  ZZE  XYG  XZG  YZG  
No Failure 1 1 1 1 1 1 
X-Direction RF 1 1 RF RF 1 
Y-Direction 1 RF 1 RF 1 RF 
Z-Direction 1 1 RF 1 RF RF 
 
Table 6.1D Property degradation rules for resin rich layers (RRL) 
Failure XXE  YYE  ZZE  XYG  XZG  YZG  
No Failure 1 1 1 1 1 1 
X, Y, Z-Direction RF RF RF RF RF RF 
 
 
In addition, all through thickness strengths will be reduced upon fibre or matrix damage 
to take account of the induced stress concentrations that promote delamination [6.21]. 
Similarly, the in plane strengths are reduced due to delamination failure to take account 
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of interaction of delamination and in plane failure mechanisms. For simplicity, the 
odel whereby the fully bonded plies are embedded within 
e element. Because of this simplicity, the resin rich layer concept discussed above can 
proposed reduction factors do not take account of the difference between tensile and 
compressive induced failure.  In addition, one would also expect the RF factors to be 
different for each different condition given in Table 6.1. This however requires an 
extensive testing program for validation and cannot be considered here.   
 
6.3 Finite Element Modeling 
Four typical finite element schemes shown in Figure 6.4 are set up to investigate their 
adequacy in predicting the blast response of typical laminates. The composite shell 
models are relatively easy to m
th
be easily incorporated in this model. Due to the assumptions made in the formulation 
shell element, normal through thickness stress is not available for output [6.39]. These 
thick shells are however specially formulated to predict reasonably accurate transverse 
shear stresses distribution through the thickness [6.39]. The continuum shell model 
provides some estimation of the normal through thickness stresses calculated by its 
average constant section stress. An improved model that can predict the variation in 
through thickness stresses will then be the continuum shell stacked model where each 
element in the thickness direction may represent one or more discrete layers of the 
laminate. This model provides a convenient tool for the implementation of the spot weld 
model discussed above to model delamination. The solid continuum model is the most 
detailed model that takes account of three dimensional stress states. 
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(C) FE3: Continuum shell (stacked or composite) 
 
 






(D) FE4: Solids (stacked) 
 
 
Figure 6.4 Finite elements schemes for laminated beam 
 
For the composite shells, the number of layers of the laminate are embedded within the 
single elements and each layer is assumed to have homogeneous orthotropic properties 
represented by section points. For woven roving laminate, each layer is idealized as 
having fibres running in both orthogonal directions where undulations and distortions of 
fibres are not considered. Typical section for a WR is shown in Figure 6.5A. It can 
however be argued that if fibres are not adequately distributed in all directions, some 
matrix cracking can occur which cannot be explicitly modeled by Figure 6.5A which 
assumes that matrix cracking cannot occur in the longitudinal and transverse fibre 
directions. This  2 equal half 
thickness unidirectional layers with fibres running orthogonally as shown in Figure 6.5B. 
This model is not unrealistic since, assuming negligible fabrication and fibres distortion, 
there will be little difference in axial response between a unidirectional cross ply laminate 
and woven roving laminate [6.18]. Bending response will however be different.   
 can be taken account of by replacing a WR ply with
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To predict any initial failure, progressive damage and ultimate collapse capacity, failure 
models defined in Section 6.2 have been incorporated into the finite element package via 
a user defined subroutine. A typical subroutine for woven roving laminate shell model is 
given in Appendix-10.  
 
(A) Typical section for a 9 layered woven roving laminate 
 
(B) Modified section for similar 9 layered woven roving laminate 
Figure 6.5 Section for composite shell models 
Material response is assumed to be linear if no damage occurs but geometrical 
 
nonlinearity will be considered. Rate effects on composite remain a topic of much 
uncertainty due to the high sensitivity of the quality of composite. In general, the trend is 
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towards increase of failure stress and work of fracture due to strain rate for both glass and 
polymers. Unfortunately, the explanation of such an increase is often not unified. Okoli 
[6.42] explains that the increase in fracture due to strain rate is due to the change in 
failure mode for a glass/epoxy laminate while Pardo [6.44] observes that the increase in 
fracture is due to the increase in the number of cracks in the polymer. Cantwell [6.43] 
attributed the increase in fracture directly to the increase in the failure stress of glass 
fibres and concludes that vinyl ester resin is strain rate independent.  
 





















Strain Rate (s )
 Mouritz1-Glass/Vinyl Ester WR/CSM (Flexure Strength) [6.40]
 Mouritz2-Glass/Vinyl Ester WR/CSM (Flexure Modulus) [6.40]
 Harding1-Glass/Polyester WR (Flexure Modulus) [6.41]
 Harding2-Glass/Epoxy WR (Flexure Modulus) [6.41]
 Harding3-Glass/Epoxy WR (Tensile Strength) [6.41]
 Okoli1-Glass/Epoxy WR (Tensile Energy) [6.42]
 Okoli2-Glass/Epoxy WR (Shear Energy) [6.42]
 Okoli3-Glass/Epoxy WR (Flexure Energy) [6.42]
 Cantwell1-Vinyl Ester 411-45 (Flexure Strength) [6.43]
 Cantwell2-Vinyl Ester 8084 (Flexure Strength) [6.43]
 Cantwell3-Glass/Epoxy (Flexure Strength) [6.43]
 Cantwell4-Glass/Vinyl Ester 411-45 CSM (Fracture) [6.43]
 Cantwell5-Glass/Vinyl Ester 8084 CSM (Fracture) [6.43]
 Pardo1-Glass/Polyester UD 0o (Tensile Strength) [6.44]
 Pardo2-Glass/Polyester UD 90  (Tensile/Threshold Strength) [6.44]o
 Pardo3-Glass/Polyester UD 90  (Tensile/Max Strength) [6.44]
1  Pardo4-Glass/Polyester UD (Tensile Modulus) [6.44]
 
Figure 6.6 Strain rate effects on glass reinforced polymers 
 
o
 addition, conclusions on the effect of strain rate on the modulus values and failure 
rains are mixed. In many cases, high variability in test results is obtained. Figure 6.6 
gives the reported strain rate factors normalized to respective referenced values on some 




will be adopted to approximately take account of the increased in strength due to strain 
rate. For comparison purposes, the rate factors of 
yσ (3.6); yε (3.1); fε (4.7); E (2.4) are 
also observed through testing of over 30 various composite materials up to 1600 s-1 strain 
rate [6.45].  
 
6.4 Results and Discussions  
The static and blast response for composite GRP beams and plates are discussed in this 
section. Some characterization tests have also been carried out in the US Naval Academy 
to validate the proposed numerical models and to establish useful database for future 
works.   
 
6.4.1 Material Characterization  
The laminated specimen is fabricated from the patented SCRIMP technique [6.46]. 
SCRIMP is essentially a vacuum assisted resin transfer moulding (VARTM) process that 
makes use of vacuum to inject the resin through the fibres that are placed in a preformed 
mould.  It is capable of reducing void content and achieving high fibre content composite 
(see Appendix-11). 
 
The specimen comprises of 9 plies of cross plain weave 814 g/m2 woven roving E-glass 
fibres that are embedded in 8084 Dekerane vinyl ester resin system. Typically, the 
volume fibre fractio 52-55%. Series of 
characterization tests are conducted in accordance to ASTM procedures [6.47-6.50] and 
togethe aterial 
n for all specimens is in the range of 
r with available data [6.51-6.52] and using micromechanics approach, the m
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properties for the above laminate are given in Appendix-12. Note that although basic in-
plane material properties can be readily derived using micromechanical approaches 
[6.54], strength parameters are still more reliably obtained by physical testing.    
 
6.4.2 Static Response of WR Laminated Beam 
6.4.2.1 Short Beam Shear Test  
The Short Beam Shear Test (SBS) [6.50] is a standard 3-point bending test method to 
obtain apparent interlaminar shear strength. The specimen test span and width are 4 and 2 
times its thickness respectively and the flexural strength of the beam should be about 8 
times greater than the appa inar shear failure [6.53]. 
The test sp ws lateral 
motion and a line load is applied at the mid s an of the specimen as shown in Figure 6.7.  
rent shear strength to ensure interlam





Figure 6.7 Short beam shear test 
 
The apparent shear strength may then be calculated as follow 
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                                                   0.75( )MAXPV
BH
=                                       (6.6) 
where 
 
MAXP  is the maximum load, B and H are the width and thickness of the specimen 
respectively. The apparent shear strength obtained is known to depend on geometry and 
material properties such as span depth ratio [6.55-6.56] and thus the test should only be 
regarded as a quality control test. It will also be illustrated later that the apparent shear 
strength distribution will not be constant along the length and through the thickness as 
ould edicted by classical beam theory given by zw  be pr ( ) ( / )z Q I zdτ = ∫ . This equation can 
gh H/2. 
e Appendix-13). The better quality specimens are denoted as 
1A and the other specimen type denoted as S1B.  These specimens are subjected to the 
SBS test described above. Specimens after tests and their load deflection response are 
shown in Figure 6.8 and Figure 6.9 respectively. The apparent shear strengths obtained 
using Equation 6.6 are given in Table 6.2. It is interesting to note that samples S1B, 
showing more widespread damage by delamination, matrix cracking and fibre breakage, 
have apparent shear strength and global stiffness higher than that of S1A specimens 
despite having p e thicknesses of 
S1B specimens are about 10% larger than that of S1A. Comparatively, samples 1A 
be reduced to Equation 6.6 if the integration is carried out throu
 
Specimens are cut from the same parent panel having two distinct regions in quality 
identified by ultrasonic C-scan. These images are colour coded to identify areas of string 
or weak return signals (se
S
oorer quality. This is believed to be due to the fact that th
exhibit a more localized damaged region. The residual capacity of the specimens is 
relatively independent of the quality, peak strength and stiffness of the panels.  
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Figure 6.8 USNA I specimens after SBS test [6.52] 
 











































S1A-1 10.7 38.2 5.1 2.8 37.6 
S1A-2 10.8 38.2 5.1 2.6 35.8 
S1A-3 10.8 38.1 5.1 2.8 38.1 
S1A-4 10.8 38.2 5.0 2.6 36.1 
S1A-5 10.8 38.1 5.1 2.6 35.5 
S1A-6 10.7 38.0 5.1 2.9 40.0 
S1B-7 10.8 38.3 3.4 42.7 
S1B-8 10.7 38.3 5.7 3.4 41.1 
S1B-9 10.7 38.2 5.6 3.4 42.6 
S1B-10 10.8 38.2 5.8 3.1 36.8 
S1B-11 10.8 38.3 5.6 3.2 40.2 




6.4.2.2 Sensitivity studies 
Figure 6.10 shows the effects of varying the time steps and mesh densities on the 
response predicted by the finite eleme eak loads are found to be sensitive to 
the time step the residual 
loads. Figure 6.11A shows the effects of the residual factors using the two layering 
techniques for woven roving laminate (see Figure 6.5). The modified technique is 
nt models. P
s employed in the FE analysis and mesh densities can affect 
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denoted by the letter M. It is clear that the residual capacity is directly influenced by the 
residual factor where a high factor reduces the amount of reduction in strength upon 
failure. By comparing with the test results, it is deemed reasonable to use 0.05-0.10 for 
the values of RF. Figure 6.11B illustrates that the presence of the resin rich layers is 
detrimental to the performance of the laminate with lower stiffness, peak strength and 
residual strength as the thickness of the resin rich layers increases. It is therefore essential 
to take account of this in the finite element models.  The modified layered models predict 
slightly higher stiffness and peak load due to the fact that a higher axial stiffness is 
obtained and higher failure strength is imposed to the FE models due to the unidirectional 
fibre arrangement. The correlation of sidual strengths with test results are 
reasonably good n later that the 




 peak and re
within the variation of measured values. It will be show
m
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Figure 6.10 Effects of varying time steps and mesh densities  
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RF05; RF10: 5, 10% Residual Stiffness
Rtk05; Rtk10; Rtk20: 5, 10, 20% RRL Thickness
 FE1BM (RF05; Rtk05)
 FE1BM (RF10; Rtk05)
 FE1B   (RF05; Rtk05)















(A) Residual factors 
 










 FE1B   (RF05; Rtk00)
 FE1B   (RF05; Rtk10)





RF05; RF10: 5, 10% Residual Stiffness











(B) Thickness of resin rich layers 
 
Figure 6.11 Effects of resin rich layers and modified section for WR laminate  
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6.4.2.3 Failure response and progressive damage 
here are very good correlations for the various failure criteria since the longitudinal 
normal stress is several orders of magnitude greater than the axial in-plane shear stress 
and transverse shear stress. Thus the failure criteria for all failure models are effectively 
reduced to the Maximum Stress criterion. The predicted peaks by the solid continuum 
model, with and without delamination criterion given by Equation 6.5C, correspond well 
with the shell models. However the slight loss of stiffness prior to the peak load is not 
captured by the shell models. This initial stiffness loss is due to fibre failure on the 
compression face which is also observed from the measured plots. Delamination is shown 
to be insignificant for the initial stiffness and peak load but the residual strength and 
stiffness are wrongly predicted if no delamination is included in the model. The stiffening 
of the resid r predicted 
effects of delamination. Another probable r son is because of numerical effects where 
The load displacement responses predicted by the various failure models are shown 
together with the experimental results in Figure 6.12. The upper and lower bound peak 
loads given in the figure are obtained by uniaxial compression tests on the specimens (see 
Appendix-14) to illustrate the high variation of the test results. Tsai-Wu and Tsai-Hill 
quadratic failure criteria are also included to predict the first ply failure. Since matrix 
failure is insignificant, the peak loads and stiffness from these models correlate 
reasonably well with the peak loads predicted from the rest of the FE and test results. 
This is an indication that the response of the beam is fibre dominated and effects of 
matrix failure can be ignored.  
 
T
ual response is not observed in the test and is due to the unde
ea
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the search algorithm for equilibrium load path cannot predict correctly response of the 
damaged composite. This phenomenon is particularly evident for the solid model without 
delamination. The various damage modes for the shell and continuum solid models are 
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 Solid (W ith Delamination)
 Solid (W ithout Delamination) 
 
Figure 6.12 Comparison of various failure models with test results 
 
6.4.2.4 Interlaminar shear and delamination 
With reference from Figure 6.11, the stiffness of the model is reduced and better 
correlation with test results is obtained when the resin rich layers are considered. In 
addition, the thickness of the resin rich layers reduces slightly the predicted peak load and 
the failure of these layers reduces the residual capacity. However, it is expected that they 
cannot predict correctly the delamination region since their failure is entirely governed by 
-plane material properties. The failure of these layers is compared to the delamination in




re 6.1 ure mode E1 layerw
 






Figure 6.14 Failure modes for FE4 continuum solid model  
 
The predicted transverse shear stresses at corresponding peak loads of the shell models 
and continuum solid models are shown in Figure 6.15 where the sampling points are 
shown in Figure 6.4, together with the predictions from classical beam theory and test 
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results obtained from Table 6.2. Figure 6.15A shows that the layerwise shell model and 
the beam theory are in good agreement and the interlaminar shear stress is parabolic 
through the beam thickness. The peak stresses at the mid section of the beam are well 
predicted but they are not constant along the length and width of the beam as would be 
predicted by the classical beam theory. The beam theory under predicts the stresses for all 
edge elements.   Although the condition of zero shear stress at the free surface is still 
preserved for the modified layerwise shell model as shown in Figure 6.15B, there are 
stress discontinuities at the interface due to the sudden change of stiffness in the 
longitudinal directio ent parabolic stress 
istribution for the alternating layers. The maximum shear stress predictions at inner 
d section is still well predicted. 
he stress distribution for the quarter elements compares closely with the beam theory 
n. It is seen that there exist distinct intermitt
d
elements still correlate reasonably well with the beam theory. This model also predicts 
slightly higher shear stresses than the FE1B model. The shear stress distribution for the 
linear solid elements given in Figure 6.15C is again very different from the two shell 
models. The conditions of zero shear stress at free surface and stress continuity at layers 
interface are violated. Due to the linear displacement functions, stresses are constant 
within each element.  Generally, the maximum stress at mi
T
but stress reversals are noted for other elements. In addition, there is a clear tendency of a 
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(A) Layerwise shell model (FE1B) 
 





























(B) Modified layerwise shell model (FE1BM) 
 
Figure 6.15 Interlaminar shear stress distribution through thickness (cont’d) 
 196







































(C) Solid continuum model (FE4) 
Figure 6.15 Interlaminar shear stress distribution through thickness 
 
Figure 6.15A shows that the layerwise shell model and the beam theory are in good 
agreement and the interlaminar shear stress is parabolic through the beam thickness. The 
peak stresses at t stant 
along the length and width of the beam as would be predicted by the classical beam 
theory. The beam theory under predicts the stresses for all edge elements.   Although the 
condition of zero shear stress at the free surface is still preserved for the modified 
layerwise shell model as shown in Figure 6.15B, there are stress discontinuities at the 
interface due to the sudden change of stiffness in the longitudinal direction. It is seen that 
there exist distinct intermittent parabolic stress distribution for the alternating layers. The 
maximum shear stress predictions at inner elements still correlate reasonably well with 
the beam  FE1B 
he mid section of the beam are well predicted but they are not con
 theory. This model also predicts slightly higher shear stresses than the
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model. The shear stress distribution for the linear solid elements given in Figure 6.15C is 
again very different from the two shell models. The conditions of zero shear stress at free 
surface and stress continuity at layers interface are violated. Due to the linear 
displacement functions, stresses are constant within each element.  Generally, the 
maximum stress at mid section is still well predicted. The stress distribution for the 
quarter elements compares closely with the beam theory but stress reversals are noted for 
other elements. In addition, there is a clear tendency of a higher stress to skew towards 
the loading nose and supporting points.  
 
6.4.3 Static Response of Multi-Unidirectional Laminated Plate 
he response of multi-unidirectional laminated plates with various aspect ratios subjected 
is section and the finite element models 
T
to out of plane uniform load will be given in th
are validated against available test results [6.57-6.58]. Plate A is 600 by 600 mm square 
as shown in Figure 6.16.  
 
 
Figure 6.16 Laminated panels with various aspect ratios 
 
 Figure 6.17 shows the response of the three plates with various idealized boundary 
conditions for the finite element models. All initial failures are reasonably predicted by 
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the Hashin criterion as compared to test measurements but the ultimate failures due to 
fibre failures are over estimated probably because delamination failure and elasticity of 
support conditions are not taken into account. It is worthwhile to note that the Maximum 
Stress criterion cannot predict the measured ultimate failure for all plates as shown in 
Figure 6.17A due to the lack of stress interaction which is evident in the plate models. 
his is opposed to the response of the beam model discussed above.  Because of this and 
omposite blast barriers.     
T
the more complex stacking sequence as well as fibre orientations of the plate models, the 
predictions are not as good as for the beam models. The square plate in general performs 
better than plates with higher aspect ratio.  
 
The low modulus values of the composite materials have been advantageously used to 
allow the activation of membrane action in the relatively early stage of response if in-
plane movement is restrained adequately as illustrated in Figure 6.17. There is no benefit 
of providing encastre boundary condition as opposed to pinned boundary condition for all 
cases considered here. In fact, severe fibre failures have been observed along the plate 
edges for the encastre boundary condition resulting in premature failure. The clamp and 
simple (i.e. in plane movement is not restrained) boundary conditions have resulted in 
significantly lower stiffness and should not be considered for c
 199






























(A)  Plate A 




























(B) Plate B 
Figure 6.17. Response of multi-unidirectional laminate (cont’d) 
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e predicted dynamic response using FE1 finite element model for a 250×250 mm2 
ropic panel of 50 mm thick when subjected to a suddenly applied 
 
 
(C) Plate C 
Figure 6.17. Response of multi-unidirectional laminate 
 
6.4.4 Dynamic Response 
Th
simply supported orthot
uniformly distributed load of 1 bar is given in Figure 6.18. The test results reported in 
[6.59] are included in the figure for comparison. It is observed that the numerical model 
can predict the maximum deflection and vibration response reasonably well.  
 
An underwater blast test conducted by Mouritz [6.60-6.61] is next studied where the 
damaged response of the laminate is predicted. The adequacy of the failure and finite 
element models are investigated.  
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Figure 6.18. Dynamic response of orthotropic panel 
 
6.4.4.1 Material characterization 
The laminate is made up of E-glass fibres and vinyl ester polymer commercially known 
as Dekerane 411. It consists of 14 alternating plies of cross woven roving laminae with an 
areal density of 600 g/m2 and chopped strand mat laminae with an areal density of 300 
g/m2. The polymer content of the cured laminate is approximately 53.1 ± 1.7% by weight 
nd the thickness is about 8.5mm. The average density of the laminate is 1440 kg/m3 with 
. The material and strength properties of the laminate are given 
 
a
a porosity of about 7.4%






6.4.4.2 Test observation and comparison 
Specimens of 270 mm long and 70 mm wide are freely rested on rubber supports at its 
ends and subjected to varying impulses in an enclosed steel cylinder [6.60].  A four point 
bending test in accordance to ASTM 790M-84 is also carried out to assess the laminate 
flexural properties. The load displacement response predicted by the various finite 
element schemes discussed in Section 6.3 are shown in Figure 6.19 below. The stiffness 
is well correlated and the ultimate strength is about 80% of the measured value. The 
difference may be due to the use of estimated strength properties for each individual ply 
without regards to their strength in the laminate.  Assuming a RF of 10% upon material 
failure, the residual response is also reasonably predicted. The predicted interlaminar 
shear stress distribution obtained from the FE3 model is shown in Figure 6.20.  
 























Figure 6 minate .19. Load displacement response for WR/CSM la
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 Figure 6.20. Delamination for WR/CSM laminate subjected to 4-point bending test 
 
A typical recorded pressure profile is given in Figure 1.2 where the peak pressure range 
from 8 to 28 MPa with duration of approximately 0.25 - 0.29 ms. In the test, the 
laminates are tested under air-backed and water backed conditions. In the latter condition, 
the laminate showed no evidence of damage even up to 133 MPa peak pressure.  Only 
air-backed laminate is considered here.At the lower peak pressure, the only evidence of 
damage is fine cracking in the resin matrix emerging from the unloaded surface and 
concentrates in the CSM layers. Cracks density is observed to increase with peak 
pressure. Significant fibres cracking and buckling occur for peak pressure at about 11 
MPa and delamination is evident between plies through the thickness. Above 28 MPa, the 
laminate is completely broken with a recorded maximum deflection of 12.3mm. This is 
close to the 10 mm obtained from Figure 6.19 and the rate effects have no influence on 
the types of damages as long as the loading conditions remain similar as in the case for 
the static 4-point bending and erwate ock te
 
The response for load cases 8 MPa and 28 MPa predicted by the FE1 model using resin 
rich layer as delamination criterion and Maximum Stress criterion as in-plane failure 
und r sh sts.  
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criterion are given in Table 6.3 and 6.4 respectively. Although the tim  response of the 
lam vaila e for comparison, most of th  features c  be c  FE 
mode is noteworthy th t at high peak pres res, connection failure may occur. 
The displacement time plots are given in Figure 6.21. 
 
Table 6.3. Numerical prediction of FE1 model (  MPa
Types of Damage Mouritz FE Model Remarks 
e
inate is not a bl e an aptured by the
ls and it a  su
8 ) 
 
Fiber Failure No Yes Limited at the 
outer plies. 
 
mid span of 
Matrix Damage Ye s Extensive dam -
loaded face 
 
 s Ye age at non
D n Yes Short Delamination 
 
elaminatio Yes 
Displacement - 0mm Maxim  disp
prior to reboun




Ta . N cal p tion of FE1 mode Pa
Types of Damage Mouritz E Model Rema s 
 
ble 6.4 umeri redic l (28 M ) 
F  rk










Delamination Yes Exten ive da
throu out la
 
  Yes s mage 
minate gh
Displacement 4mm  Maxi um di
collapse 
12mm 1 m splacement at 
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Figure 6.21. Dynamic response of a WR/CSM laminate subjected to underwater blast 
 
6.4.4.3 Spot weld criterion for delamination 
Here, the resin rich layers for the shell elements to approximate delamination are replaced 
by spot weld failure criterion introduced in Section 3.3.2 and further discussed in Section 
6.2.3.2. Notably, the main advantages for using spot weld criterion for delamination in 
shell elements are, to be shown later, physical debonding of layers can be modeled, the 
delamination regions and its progression are well simulated, as well as its simplification 
in implementation. Initial defects of the resin rich layers can also be conveniently 
modeled. Currently, the spot weld model cannot be coupled with the in-plane failure 
riteria in the finite element model and this is expected to be resolved in the future. For 
the debonding spot weld model, the normal and shear strengths of each spot weld are 
estimated using the neat properties of the resin rich layer suitably adjusted by the rate 
factors. Further tests are obviously necessary to obtain more realistic values that take 




Figure 6.22. Spot weld model (non-debonding) 
 
Figure 6.22 shows a simplified FE3 model for the same WR/CSM laminate investigated 
in Section 6.4.4.2. For simplicity, delamination is assumed to occur at mid plane of the 
laminate where the upper and lower elements are bonded together by non debonding spot 
welds (see Section 3.3.2.1) shown by the colored dots.  The displacement plots for the 
FE1 and FE3 models are compared in Figure 6.23 and show that the spot welds can 
represent a perfect bond as in the case for the FE1 model. 
 
The average internal forces at the designated spot weld locations (see Figure 6.22) are 
shown in Figure 6.24. It is clear that the spot weld model is capable to model the 
presence out of balance forces expected at the free edge locations [6.62].  The out of 
balance forces are synonymous tresses that are responsible for 
delamination failure. In this example, no delamination is expected to occur at the internal 
elements. Anoth ss relief upon in 
to the interlaminar s
er important observation is that there is a tendency of stre
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plane damage. Finally, because of the dynamic nature of the blast load, the bonds are 
subjected to loading and unloading repeatedly.  
 










Peak Pressure = 8 MPa
















Figure 6.23. Deflection response for FE3 spot weld (non debonding) model 
 









Peak Pressure: 8 MPa
Duration: 300 us













SW 17   (ND)    
SW 18   (ND)    
SW 23   (ND)    
SW 24   (ND)    
 
Figure 6.24. Internal nodal forces for spot welds 
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The current model is not restricted to 2 elements per thickness and multiple 
delaminations can be modeled simply by stacking more elements connected through spot 
welds through the thickness, which will also improve the prediction on interlaminar 
stresses. Figure 6.22 can now be extended to model explicitly the physical debonding 
caused by delamination failure. 
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Figure 6.25. Response due to spot weld failure models 
 
 
Figure 6.26 Typical model showing debonding using spot weld criterion  
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Figure 6.25 shows the response of various debonding models. Initial defects in the form 
of debonded resin rich layers are introduced at the mid span, quarter span and near 
support regions. No debonding is allowed to occur at supports to simulate a bonded 
bolted joint (see discussion below). It is seen that the debonding of the spot welds 
resulted in the loss of stiffness and subsequent reduction of the frequency. In terms of 
initial defects, only the presence of defects at the quarter span resulted in a higher 
maximum deflection and earlier time of failure. This has similar effects for the model 
with half bond strength to simulate delamination caused by stress concentration due to in 
plane damages as explaine debonding using the spot 
weld criterion is shown in Figure 6.26. 
 
6.5 Development of Composite Blast Barrier 
This section describes an overview and considerations needed in developing a composite 
blast wall for applications in offshore and marine environment. Although the main focus 
remains in blast resistance of the wall, other equally important considerations such as 
connections and fire resistance will be briefly discussed. Few possible configurations of 
the composite blast wall are proposed and their blast response characteristics are 
compared with their metal counterparts which have been discussed from Chapter 2 to 5.  
 
6.5.1 Selection of Fiber and Resi
E-glass has been traditionally used as the fibre system for marine composites and remains 
a go cal 
resistance to salt water and engine fuel. Because of its relatively low stiffness, it is 
d above.  A typical model showing 
n System 
od candidate due to its relatively low cost, ease of fabrication and good chemi
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appropriate to detail the connection such that the membrane resistance can be used to 
s good resistance to water and chemical attack and has high fracture toughness 
here its failure strain is approximately 5%. For illustrative purposes, balsa wood will be 
 environments, it has rather poor fire performance.    
configurations of the wall and the fabrication techniques employed. From the discussion 
advantage.  Other alternatives include S-2 glass which offers better mechanical strength 
(30%) and ballistic resistance but at a cost up to 10 times of E-glass. S glass, which has 
even better mechanical properties, is extensively used in the aerospace industry and is 
about 20-30 times more expensive.     
 
The resin system contributes little to the mechanical properties of composite and its 
selection criteria lies also in its fire performance characteristics. Phenolic resin has a 
moderate mechanical strength and provides the best fire resistance due to its retention of 
strength at elevated temperature, low smoke and toxic production. However, there are 
doubts in its application in wet environment [6.25]. On the other hand, vinyl ester 
provide
w
used as core in sandwich composite panel and vinyl ester will be used as matrix material 
in laminated composite panel. Other resins that may be considered, possibly with suitable 
additives, are epoxy and isophthailc polyester. The former offers good mechanical 
properties but high material and construction costs, and while the latter is commonly used 
in marine
 
6.5.2 Connection System 
As mentioned above, it is advantageous to detail the connection such that membrane 
resistance can be utilized. Often the types of connection are dictated by the structural 
 211
given in Section 6.4.3, a pinned type connection is preferred. A possible arrangement for 
end connection of blastwall in typical topsides is shown in Figure 6.27. The wall can be 
fully bonded to the connecting angles in addition to the minimum number of bolts. This 
arrangement has the advantage of acting as cracks arrester with limited stress 
concentration as well as maintaining the wall in place in the event of fire and subsequent 
bonding failure. Pure bonded joints are sometimes avoided since such joints have poor 
tensile and shear strengths, poor through thickness response characteristics due to the 
absence of fibres and sensitiveness to bond imperfection.  Alternatively for hybrid system 
consisting of steel stiffeners and composite plate, a full rotational restraint may be 
provided.  
 
Figure 6.27 Possible connection arrangement in typical topsides   
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To further elim ite panel and 
is given in [6.63-6.64].   
inate bond failure commonly observed between compos
corrugated stiffeners, the blast wall can be tapered at its ends to reduce the magnitude of 
peeling stress. Such arrangement is sometimes necessary to avoid the awkward 
connection between an all GRP panel and steel mounting frames. Bending of the 
stiffened composite panel can also induce transverse shear forces that tend to debond the 
interface between the panel and stiffeners. Some techniques including using metal 
fasteners or resilient adhesive filler to eliminate this problem are discussed in [6.63].   
 
The above discussions can also be applied in the situation where several panels need to 
be jointed together, and in this case moment transfer must also be considered. In marine 
composite, cold curing and gap filling adhesive for construction of connections are 
commonly employed for consideration of cost and to accommodate surface irregularities. 
A more comprehensive treatment in this topic 
   
6.5.3 Fire Performance 
Blast walls are required to have certain fire performance standards such that its strength 
and stiffness are sufficiently preserved for a prescribed period of time, the temperature 
gradient across the thickness should be limited and the hot spot temperature rise shall not 
exceed a higher set amount [6.65]. As an illustration, for a H120 rating, (containment of 
hydrocarbon fire for 120 minutes duration), the differential temperature across thickness 
and hot spot temperature rise are limited to 139˚C and 180˚C respectively.  In addition, 
smoke and toxic emissions, as well as flame penetration, should be limited.  
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Glass fibre reinforced plastics (GFRP) derives its fire resistance mainly from the types of 
resin/core and the fibre volume fraction. The resistance can be enhanced by increasing 
thickness and the use of additives or sacrificial layers. Composites have a clear advantage 
to metals in terms of thermal conductivity. GFRP has a conductivity that is 40 times less 
an that of steel and 130 times less than that of aluminium [6.66]. However, a major 
ions are 
th
concern of GFRP is that the temperature where significant loss of strength and stiffness 
commences is much lower than steels (The strength of phenolic plastics is reduced to half 
at around 220˚C, compared to 450˚C and 700˚C for carbon steels and stainless steel 
respectively). For this reason, some hybrid systems consisting of the two materials have 
been proposed [6.26]. In addition, woven roving glass plies are sometimes used in the 
laminate skin so that they form an insulating barrier to the underlying plies when the 
resin is burnt off. Phenolic based resin/core is preferred to polyester or epoxy resins 
although their fire performance may be improved by using fire retardant additives or 
coatings. Sandwich composites or thick laminates may also be considered in the event 
where fire performance requirements are not met. Other high performance and high costs 
options are also readily available [6.63].      
 
6.5.4 Structural System 
The discussion given so far provides a framework for several possible candidates for 
composite blast barriers as shown in Figure 6.28. Their blast performance is judged 
against the stiffened panel and profiled stainless steel panel discussed in previous 
chapters. All laminated skins are constructed of 3 layers of GFRP and the core of the 
sandwich composite is made of end grain balsa wood. All boundary connect
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assumed to be effectively pinned where the plies are bonded and bolted together. All 
panels are to be approximately 2.5m square uniformly subjected to prescribed 
overpressures in idealized form shown in Figure 4.20. For simplicity, failures of 
laminates are governed by the Hashin criterion (Equation 6.5) and failures for the steel 
panels are governed by the shear failure model (Equation 3.6).  Failure models are 
incorporated to the finite element models as described in Section 6.2-6.4 for the 
















Figure 6.28 Various blast wall systems   
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Note: Strain response for composites is based on nominal strain and for steels the equivalent plastic strain. 
Ultimate stress for composite is based on unidirectional laminae. 
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Table 6.5 gives the summary of t ous blast walls subjected to two 
blast pressures. The advantage in using com osite panels for weight saving applications 
is obvious although a higher deflection limit need to be accommodated for the lower 
pressure load case. Very little damage is observed for the composite panels while some 
yielding have occurred for the steel panels. For the higher blast pressure load case, none 
of the composite panels are judged to survive while the steel panels are subjected to 
severe yielding with rupture observed in the stiffened panel and corrugated SS2205 
panel. It is interesting to note that the 100mm core sandwich panel offers little structural 
advantage than the 50mm core sandwich panel apart of a higher stiffness. All composite 
panels have higher natural periods which make them possibly more sensitive to the blast 
pressure characteristics of a gas explosion.  The hat-stiffened panel improves the 
structural efficiency for monocoque panel although there is concern of stress 
concentration and debonding between the stiffener flange and the panel. The sandwich 
panels also perform relatively well when subjected to the lower blast pressure and are 
suitable for application where there are stringent requirements of thermal performance. 
From this simple study, it seems that the hat-stiffened panel and the SS316 corrugated 
panel offers the optimum blast resistance to the lower and higher blast pressure load cases 
respectively. The displacement time responses are given in Figure 6.32, and the von 
Mises stress distribution plots are shown in Figure 6.30.  
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Figure 6.29 Deflection time plots for various blast walls 
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(D) Sandwich panel (50mm core)  
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presented here investigates the use of composite panels as structural barriers 
to blast loadings. Validation studies are presented and the robustness of the 
ilure criteria and the modeling techniques of composites are discuss
Subro s are developed to model the progressive damage of laminate consisting of 
nal lamina, woven roving lamina, chopped strand mat and sandwich balsa 
concept of resin rich layers and spot weld models 
delam on offer some promises for further development.  The considerations needed
velopment of the composite blast wall system are discussed. Some possible 
blast wall systems are 
metal terparts. The following presents some of the key findings from the above
(i) Th k capacity of the laminate is governed by the imposed failure criteria and the 
ength and stiffness are governed by the residual factors. While the Maximum
rion correlates with tests 
intera  criteria such as the Hashin criterion is required to predict the response of plate 
al factor approach adopted in the above analys
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there is a risk of low to moderate blast pressures. Their blast response is also more 
ive t
high blast 
he types of composites and its corresponding failure modes. A residual factor 
f the initial stiffness gives the best fit to the test data presented here
(iii) T sin rich layers and the spot weld models are proposed to predict the global 
f composites subjected to delaminati
layers are physically present in laminated composites has been shown to improve the 
by the finite element models. The thicknesses of these layers can affect the 
esidual capacity of the laminate. The assumption of delamination upon in plane 
these resin rich layers has however precluded the ac
delam on zones. The spot weld models on the other hand can model the physical
 of the laminate reasonably well although further works are required to 
 this model with the in plane failure criteria so that a full realistic respo
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 establish the extent of application.    
(iv) T roposed composite blast wall systems are developed to utilize the membrane
 the materials which also impl
of th nections. The weight advantage offered by the composite blast barriers is 
 although this should be reduced for the need of a more bulky connection
mposite blast barriers are particularly appropriate for application where the 
sensit o the blast pressure parameters such as the rise time and blast duration. For 
pressures, failure of the composite panels is often sudden and catastrophic.      
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7. CONCLUSIONS & RECOMMENDATIONS 
haracteristics of stiffened panel subjected to blast loads are presented. The 
buckling o  
boundary c ns and the panel response is greatly influenced by the interaction of the 
loading an nificant when the blast load is high 
deformatio
works here onse of stiffened panel. 
tures 
been weakened in the event of an explosion.   
 
There is ve ited literatures exist on the blast response of profiled panels despite its 
their survi  
response of profiled panels are discussed. The study shows that the commonly adopted 
per Sy
rate response is not taken into account. To mitigate the problem of strain singularities at 
the connecting edges, a forced based criterion has also been successfully used to predict 
the tearing of the profiled panel. The effects of load idealizations may not be significant 
at low overpressures but can be important at high ductility values. In addition, large scale 
Important c
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d in-plane restraint condition becomes sig
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ry lim
widespread use in recent years. The works presented here are very useful in assessing 
vability following a typical gas explosion. The strain rate effects on the blast
Cow monds equation can yield unconservative results if the full spectrum of the 
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Table A-1.1 Response for FFD21 panel 
 
 Pressure Profiles 
Response ACDEF BDEF BDF Test 
Deflection (mm) -332.5 -353.7 -350.5 - 
Strain S1BY-Max (%) 0.94 0.97 0.96 0.59 
Strain S1BX-Min (%) -0.83 -0.88 -0.87 -0.74 
Strain S3BY-Min (%) -2.79 -2.79 -2.78 - 
Strain S3BY-Max (%) 0.16 0.19 0.19 - 
Strain S3BX-Max (%) 0.12 0.13 0.13 - 
Strain S3BX-Min (%) -0.43 -0.82 0.73 - 
Strain S2Y-Min (%) -0.01 -0.01 -0.01 -0.13 
Strain S2Y-Max (%) 6.74 6.67 6.74 3.2 





































       


























































































































































Appendix-2: Predicted and measured response for FFD39 panel 
 
 
Table A-2.1 Response for FFD39 panel 
 Pressure Profiles 
 
Response ACDE ACDFG BDE ACDE Test 
(Rate) 
Deflection (mm) -323.9 - -310.2 -310.2 -280.7 
Strain S1BY-Max (%) 0.91 0.91 0.92 0.86 0.67 
Strain S1BX-Min (%) -0.81 -0.81 -0.84 -0.74 -0.77 
Strain S3BY-Min (%) -2.82 -2.81 -2.81 -0.9 -2.39 
Strain S3BY-Max (%) 0.19 0.19 0.19 0.18 0.20 
Strain S3BX-Max (%) 0.13 0.13 0.13 0.15 - 












































































































































Table A-3.1 Response for FFD23 panel 
 
 
Pres sure Profiles 
Response ACDE BDE Test 
Deflection (mm) -334.3 -444.5 - 
Strain S1BY-Max (%) 1.05 1.89 0.73 
Strain S1BX-Min (%) -0.79 -1.54 -0.78 
Strain S3BY-Min (%) -2.84 -2.72 -0.03 
Strain S3BY-Max (%) 0.16 3.39 1.74 
Strain S3BX-Max (%) 0.12 0.15 - 
Strain S3BX-Min (%) -0.55 -1.73 - 
Strain S2Y-Min (%) -0.02 -0.03 - 
Strain S2Y-Max (%) 6.88 6.47 0.31 
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Test S3AY
 































esign procedure for stainless steel profiled blast wall 
 
 
Figure A-4.1 Proposed TN5 d
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Appendix-5: Sensitivity Studies for Finite Element Meshes 
s and aspect ratio  
ement size at connection 
2 uniformly throughout the panel 
 
 
Table A-5.1 Element dimension
 
 
hout *Note: 1. MU1-MU4- Uniform mesh throug
        2. MA1-MA2- Abrupt changes of el    
            3. MG1- Graded mesh  




Figure A-5.1 Various mesh schemes  
       MG1 MU1 MU2 MA1/MU3 MA2/MU4 Element 
Dimensions  Uniform  Edge Interior  Edge Interior Max. Least 
Longitudinal 78 48 
(mm) 
12.5 120 12.5 36 196.2 19.6 
Transverse 52 32.5 26 26
(mm) 
 13 13 32.5 32.5 
Aspect Ratio 1.5 1.5 2 4.6 1.0 3.0 6.0 1.7 
Density 48×67 78×107 5×134 30×134 10×288 90×288 48×107 
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   MA1         MU3   MA2         MU4 MG1  MU1 MU2 
Deflections (mm) 
N13233 478 484 458 470 505 500 477 
Brace 360 360 335 353 360 367 355 
    Plastic Dissipated Energies (kJ) 
Panel 105 105 94 104 106 101 101 
Brace 125 126 117 119 125 128 122 
Double
Angles 
65 65 62 70 80 80 65 
Single 
Angles 
2.0 2.2 1.2 1.1 2.5 2.4    2.1 
                                                  Equivalent Plastic Strain 
E21225 0.0327 0.0482 0.0214 0.0103 0.0102 0.0083 0.0303 
E20837 0.0291 0.0205 0.0203 0.0195 0.0233 0.0312 0.0186 
E2041 0.0349 0.0196 0.0129 0.0127 0.0338 0.0317 0.0255 
E47 0.0220 0.0290 0.0376 0.0378 0.0482 0.0475 0.0115 
E2848 0.0944 0.0774 0.0232 0.0235 0.0290 0.0287 0.0377 
E16048 0.1149 0.1365 0.2032 0.2018 0.2225 0.2160 0.1650 
E19648 0.1141 0.1328 0.1886 0.1998 0.2167 0.2163 0.1679 
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Appendix-6: Different Buckling Modes 
 
 
   
 
     
 





mation of S1 (SS 2205) panel using Abaqus/Standard  
 



















 Ver 5.8 (N10948)
 Ver 6.3 (N10948)
 Ver 6.3 (N10900)
 
Figure A-6.2 Comparison of different Abaqus/Standard versions 
 
 
Notes: The above indicates that for the two different versions of Abaqus, the predicted general response 
behaviours are still similar although different buckling shapes are predicted. The discrepancies are 
suspected to be due to different numerical sensitivity of the two versions of the program.  
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Table A-8.1: Section properties for brace and panels 
  Sections/ Thickness (mm) Stiffness (mm4) 
1 152×152×23 UC 12500000 
2 203×203×46 UC 45680000 
3 305×305×97 UC 222500000 
 
Brace 
4 356×406×235 UC 790800000 
1 2.5 199214 
2 5.0 401211 
3 9.0 737144 
Panel* 
05303 4 12.0 10
                   *Per corrugation 
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Appendix-9: Derivation of Stress Based Failure Criteria 
 
(A) UNIDIRECTIONAL LAMINA 
(i) Hashin Criterion  
By making use of the quadratic stress invariants interaction and assuming an ellipse 
failure envelope which intercepts the and  TX AS stress axis, the fibre tensile failure mode 
)  is given by 
 





σ σσ⎛ ⎞ ⎛ ⎞++ =⎜ ⎟ ⎜ ⎟⎝ ⎠ ⎝ ⎠                                         (A-9.1) 
 
Due to the uncertainty of the interactive effects between CX and AS (axial shear), 
together with possible impeding of failure by transverse normal stresses )22 33( ,σ σ  the 
fibre compressive failure ) is given 
 





σ⎛ ⎞ =⎜ ⎟⎝ ⎠                                                    (A-9.2) 
 
The formulation of the matrix failure criterion is much more complex. In Hashin criteria, 
the matrix failure planes are not as defined in Section 6.2.2 and involves the 
determination of the maximum plane of failure. If this plane is equal to the maximum 
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For compressive matrix failure mode ( )22 33 0σ σ+ < and assuming 22 33 CYσ σ σ= = −    
under transverse isotropy condition, 
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(ii) Chang & Chang Criterion 
The Chang and Chang Criterion is essentially an in-plane failure criterion and of 
particular importance in this model is the inclusion of a nonlinear shear stress damage 
term that takes account of the possible nonlinear elastic behaviour of the matrix.  For 
fibre-matrix failure mode, 
 












σ⎛ ⎞ + =⎜ ⎟⎝ ⎠                           (A-9.5) 
 
For transverse matrix cracking failure, 
 





















+= +  and α is an experimentally determined constant. 
 
(iii)Maximum Stress Criterion 
The Maximum Criterion has been successfully used to characterize rupture failure for 
brittle material. The main distinct feature of the criterion is the absence of the interaction 
of stresses. Failure is assumed when any one component of the stress attains its 
corresponding limit, i.e. 
 
























                                     (A-9.7) 
 
(B) WOVEN ROVING LAMINA 
Since all the above criteria are given in local material direction, they can be easily 
adaptable to woven roving laminates. Any distortion of fibres due to weaving process 
may be arbitrarily taken account of by using reduced strength parameters. 
 
(i) Hashin Criterion 
The fibre failure along two orthogonal fibres is still given by Equation A-9.1 and A-9.2. 
In addition, in-plane matrix cracking is assumed to be governed by  
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σ⎛ ⎞ =⎜ ⎟⎝ ⎠                                                  (A-9.8) 
 
and transverse matrix cracking or delamination is assumed to be governed by Equation 
6.5C. 
 
(ii) Chang and Chang Criterion 
The fibre failure along two orthogonal fibres is given by Equation A-9.5. In addition, in-
plane matrix cracking is assumed to be governed by Equation A-9.8 and transverse 
matrix cracking or delamination is assumed to be governed by Equation 6.5C. 
 
(iii) Maximum Stress Criterion 
The fibre failure along two orthogonal fibres is given by 
 
                                                       11 or C TX Xσ ≥                                                    (A-9.9) 
 
and shear matrix cracking is governed by Equation A-9.8. In view of the significant 
contribution of transverse shear stresses, delamination failure is assumed to be governed 
by Equation 6.5C.    
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UAppendix-10: Typical Subroutine For Composite Damage Prediction in Abaqus 
---------------------------------------------------------------------------------------------------- 
SUBROUTINE FILE FOR A TYPICAL WR LAMINATE USING MAX STRESS CRITERIA 
---------------------------------------------------------------------------------------------------- 
 
      SUBROUTINE USDFLD(FIELD,STATEV,PNEWDT,DIRECT,T,CELENT,TIME,DTIME, 
     1 CMNAME,ORNAME,NFIELD,NSTATV,NOEL,NPT,LAYER,KSPT,KSTEP,KINC, 
     2 NDI,nshr,coord,jmac,jmtyp,matlayo,laccflg) 
C 
      INCLUDE 'ABA_PARAM.INC' 
C 
C STRENGTH FOR WR LAYERS  
      PARAMETER(YT=355.77D6,YC=-329.57D6, XT=355.77D6,XC=-329.57D6, 
     $          SC=65.5D6, G12=8.273D9) 
C STRENGTH FOR RRL LAYERS 
 PARAMETER(RRLT=75.84D6,RRLC=-110.00D6) 
C REDUCED STRENGTH FOR RRL LAYERS 
 PARAMETER(RRLTR=37.92D6, RRLCR=-55.0D6) 
C 
      CHARACTER*80 CMNAME,ORNAME 
      CHARACTER*8  FLGRAY(15) 
      DIMENSION FIELD(NFIELD),STATEV(NSTATV),DIRECT(3,3),T(3,3),TIME(2), 
     * coord(*),jmac(*),jmtyp(*) 
      DIMENSION ARRAY(15),JARRAY(15) 
 REAL*8 RRL, RRL1, RRL2 
C 
      TIME STEP CONTROL 
      PNEWDT=0.95 
C 
C INITIALIZE FAILURE FLAGS FROM STATEV.  
      FMSL     = STATEV(1) 
      FMST     = STATEV(2) 
      SD       = STATEV(3) 
 RRL      = STATEV(4) 
C 
C    GET STRESSES FROM PREVIOUS INCREMENT 
      CALL GETVRM('S',ARRAY,JARRAY,FLGRAY,jrcd, 
     $     jmac, jmtyp, matlayo, laccflg) 
      S11 = ARRAY(1) 
      S22 = ARRAY(2) 
      S12 = ARRAY(4) 
C 
C    ---------------------------------------- 
C    CHECK FAILURE RESPONSE 
C    --------------------------------------- 
C    FIBER FAILURE (FMSL) 
      IF (FMSL .LT. 1.D0) THEN 
         IF (S11 .LT. 0.D0) THEN 
            FMSL = SQRT((S11/XC)**2) 
         ELSE 
            FMSL = SQRT((S11/XT)**2) 
         ENDIF 
         STATEV(1) = FMSL 
      ENDIF 
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C 
C    RESIN RICH LAYER FAILURE 
 IF ((FMST .LT. 1.D0) .AND. (FMSL .LT. 1.D0)) THEN    
  IF (RRL .LT. 1.D0) THEN 
   IF (S11 .LT. 0.D0) THEN 
    RRL1 = (S11/RRLC)**2 
   ELSE 
    RRL1 = (S11/RRLT)**2 
   ENDIF 
C 
   IF (S22 .LT. 0.D0) THEN 
    RRL2 = (S22/RRLC)**2 
   ELSE 
    RRL2 = (S22/RRLT)**2 
   ENDIF 
C 
   IF (RRL1 .LT. RRL2) THEN 
    RRL = RRL2 
   ELSE 
    RRL = RRL1 
   ENDIF 
C 
  STATEV(4) = RRL 
  ENDIF 
 ELSE 
  IF (RRL .LT. 1.D0) THEN 
   IF (S11 .LT. 0.D0) THEN 
    RRL1 = (S11/RRLCR)**2 
   ELSE 
    RRL1 = (S11/RRLTR)**2 
   ENDIF 
C 
   IF (S22 .LT. 0.D0) THEN 
    RRL2 = (S22/RRLCR)**2 
   ELSE 
    RRL2 = (S22/RRLTR)**2 
   ENDIF 
C 
   IF (RRL1 .LT. RRL2) THEN 
    RRL = RRL2 
   ELSE 
    RRL = RRL1 
   ENDIF 
C 
  STATEV(4) = RRL 
  ENDIF 
 ENDIF 
C 
C    MATRIX FAILURE (FMST) 
      IF (FMST .LT. 1.D0) THEN 
         IF (S22 .LT. 0.D0) THEN 
            FMST = SQRT((S22/YC)**2) 
         ELSE  
            FMST = SQRT((S22/YT)**2) 
         ENDIF 
         STATEV(2) = FMST 
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      ENDIF 
C 
C    SHEAR DAMAGE 
      IF (SD .LT. 1D0) THEN 
         SD = SQRT((S12/SC)**2) 
      STATEV(3) = SD 
 ENDIF 
C    
C    UPDATE FIELD VARIABLES (TO BE PASS INTO MAIN ROUTINE)    
      FIELD(1) = 0.D0 
      FIELD(2) = 0.D0 
      FIELD(3) = 0.D0 
      FIELD(4) = 0.D0 
      IF (FMSL .GT. 1.D0) FIELD(1) = 1.D0 
      IF (FMST .GT. 1.D0) FIELD(2) = 1.D0 
      IF (SD .GT. 1.D0)   FIELD(3) = 1.D0 
 IF (RRL .GT. 1.D0)  FIELD(4) = 1.D0 
C 
C    PROGRESSIVE DAMAGE: REFER TO CORRESPONDING INPUT FILE 
C 
      RETURN 








Figure A-11.1 Schematic diagram for SCRIMP process 
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UAppendix-12: Material Properties for Composite Laminates   
 
Table A-12.1 Modulus for WR laminate (MPa): Short Beam Shear Test 
XXE  YYE  ZZE  XYG  XZG  YZG  ν  
20352 20352 8963 8273 3586 3586 0.14 
 
 
Table A-12.2 Strengths for WR laminate (MPa): Short Beam Shear Test 
TX  CX  TY  CY  TZ  CZ  XYS  /XZ YZS S
355.8 329.6 355.8 329.6 30.6 566.0 65.5 51.65 
 
 
Table A-12-3 Modulus for WR (MPa): Underwater Shock Test 
XXE  YYE  XYG  ν  
18700 18700 8300 0.21 
 
 
Table A-12-4 Modulus for CSM (MPa): Underwater Shock Test 
XXE  YYE  XYG  ν  





Table A-12-5 Strengths for WR (MPa): Underwater Shock Test 
TX  CX  TY  CY  XYS  
300 255 300 255 104 
 
 
Table A-12-6 Strength for CSM (MPa): Underwater Shock Test 
TX  CX  TY  CY  XYS  
101 137 101 137 77 
 
 
Table A-12.7 Modulus for UD laminate: Plate Bending Test 
XXE  YYE  XYG  ν  
23600 10000 1000 0.23 
 
 
Table A-12.8 Strengths for UD laminate: Plate Bending Test 
TX  CX  TY  CY  XYS  















Figure A-13.1 Laminated beam subjected to short beam shear test  
 
 







(A) USNA I panel                                                    (B) USNA II panel 












                         (A) S1A                                                                 (B) S2B 
 
Figure A-13.4 Typical magnification images (200x) for samples A and B  
 278
UAppendix-14: Compression Test Result for WR Laminated Beam 
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Figure A-14.1 Compression stress strain plots 
 
 
 
